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SMIARY

Dry storage of Zircaloy-clad spent fuel in inert gas (referred to as
inerted dry storage or IDS) is being developed as an alternative to water pool
storage of spent fuel. Regulatory requirements state that during IDS the
Zircaloy cladding needs to be protected against degradation and gross rupture;
i.e., the irradiated U0, is to remain confined to prevent significant releases
of radioactive materials that could cause safety and handling difficulties.

The Commercial Spent Fuel Management Program at Pacific Northwest
Laboratory has performed work in support of establishing acceptable conditions

for IDS. The objectives of the activities described in this report are to
identify potential Zircaloy degradation mechanisms and evaluate their appli-
cability to cladding breach during IDS, develop models of the dominant Zircaloy
degradation mechanisms, and recommend cladding temperature limits during IDS to
control Zircaloy degradation.

The principal potential Zircaloy cladding breach mechanisms during IDS
have been identified as creep rupture, stress corrosion cracking (SCC), and
delayed hydride cracking (DHC). Creep rupture is concluded to be the primary
cladding breach mechanism during IDS. Cladding breach due to SOC and DHC is
not expected because the threshold stress intensity levels for these mechanisms
are greater than those expected for spent fuel.

Deformation and fracture maps based on creep rupture were developed for
Zircaloy. These maps were then used as the basis for developing spent fuel
cladding temperature limits that would prevent cladding breach during a 40-year
IDS period. The probability of cladding breach for spent fuel stored at the
temperature limit is less than 05% per spent fuel rod.



ACKNOWLEDGMENTS

This work was supported by the US Department of Energy (DOE) Office of
Civilian Radioactive Waste Management through the Commercial Spent Fuel Manage-
ment Division of the DCOE Richland Operations Office. The project was managed
by the PNL Commercial Spent Fuel Management Program. Special recognition is
given to G E Lucas and J. A Nevshemal for peer reviews and to S K Edler
for technical editing.



ABBREVIATIONS A\D ACRONYMS

AECL/OH  Atomic Energy Canada, Ltd./Ontario Hydro

AR away from reactor

AGR advanced gas reactor

ANL Argonne National Laboratory, Argonne, Illinois

ASTM American Society for Testing and Materials

BCL Battelle Columbus Laboratories, Columbus, Ohio

BAR boiling water reactor

°C degrees Celsius

CE Combustion Engineering

an centimeter

CSV Commercial Spent Fuel Management (Program)

DHC delayed hydride cracking

DCE US.  Department of Energy

DAK Deutsche Gessellschaft fur Wiederaufarbeitung von Kernbrennstoffen
mbH

EIR Eidgenossisches Institut fur Reaktorforschung, Switzerland

BvAD Engine Maintenance and Disassembly Facility (NTS)

EPRI Electric Power Research Institute, Palo Alto, California

RG Federal Republic of Germany

g gram

G\S GesselIschaft fur Nuclear Service

GNSI General Nuclear Systems, Inc.

h hour

HEDL Hanford Engineering Development Laboratory

IAEA International Atomic Energy Agency, Vienna

1058 inerted dry storage

in. inch (inches)

INEL Idaho National Engineering Laboratory, Idaho Falls, ldaho

I-SCC iodine stress corrosion cracking

[SFSI independent spent fuel storage installation

K degrees Kelvin

kgU kilograms uranium

vii



KKS Kernkraftwerk Stade, FRG

KWO Kernkraftwerk Obrigheim, FRG

KWU Kraftwerk Union Aktiengesellschaft
KW Kernkraftwerk Wurgassen, FRG

MR light-water reactor

m meter

MPa mega-Pascal

MRS monitored retrievable storage

MWd megawatt day

NAC Nuclear Assurance Corporation

NRC US.  Nuclear Regulatory Commission
NTS Nevada Test Site

NUHOMS NUTECH Horizontal Modular Storage
PNL Pacific Northwest Laboratory, Richland, Washington
psi pounds per square inch

PWR pressurized water reactor

REA Ridihalgh, Eggers & Associates

S second

SC stress corrosion cracking

™ Transnuclear, Inc.

TSAR topical safety analysis report
TSS terminal solid solubility

TVA Tennessee Valley Authority

WNRE Whiteshell Nuclear Research Establishrnent, Canada

Iry Zircaloy



SUMVARY

CONTENTS

M\UM_E:BME\H-S tes s S 000 OO LPEO PSSP OOLPIROEIOONSISESINLOIOOOSESIEOISIOEDOIES

ABBREVIATIONS AMD ACRONYMS ceteececscocccscsssssscvssscsssossascsceaces

1.0 INTRODUCTION EEEEEEEEEEEEEEEENEEEEEENEEEEEENEEEEEENEEEEEEEEEEEEEEEEENGETSR

ll OBJECTIVES S 00 000 000000200000 0000000000000 000000RLIELBIIONICOGEOOSITOTOLEES

12

REPORT OVERV'EW EEEEEEEEEEEEEEEEEEEEEEEEEEEEEEEEEEENEEEEEEEENGETSR

20  CONCLUSIONS AND RECOMMENDATIONS sveeceseococososvscccsasscsssessos

2.1
2.2

2.3

24

ZIRCALOY DEGRADATION MECHANISMS EEEEEEEEEEEEEEEESEEEEEEEEEENENSN

CLADDING TEMPERATURE LIMITS DURING INERTED
D:\,Y STORAGE 0 00 000000500008 000000002080308000000060000000000060c000s0

STATUSG:D:\’YSTORAGE EXPERIENCE EEEEEEEEEEEENEEEEEEEEEEEEEENGETSR

RECOMMENDATIONS FCR INERTED DRY STORAGE ssssssssssssssssnnans

30  ZIRCALOY DEGRADATION MECHANISMS AND MODELING sssssssssssssssnnnnns

3.1

32

33

34

CREEP RUPTURE aussssssssssssssssssnsnnnnnnnnnnnnnnnnnnnnnnns

3.1.1 Creep Deformation and Rupture MechaniSms ssssssssssnsns
312 Creep Rupture Modeling ssssssssssssssssssnnsnnnnnnnnns
STRESS CORROSION CRACKING sasssssssssssssnnsnnnnnnnnnnnnnnnns
3.21 Threshold lodine Concentration sessssssssssssssssnnnns
322 Threshold Cladding StreSS eeeeescssasesescosscsaccnnss
ZIRCALOY DEGRADATION BY HYDROGEN ssussssssssnnsssnnsunnnnnnns
3.31 Delayed Hydride Cracking sssssssssssssssssssnsnnnnnnns
332 Hydride Reorientation sececeesossessess
333 Hydrogen Redistribution eeeescesessccccsscsccococcsoes

OTHER DEGRADATION MECHANISMS ciecececocccsocssacescoscacssccs

ix

vii
1.1
1.2
1.2
2.1
2.1

2.2
2.3
2.4
3.1
3.2
3.3
3.4
3.9
3.10
3.11
3.12
3.12
3.13
3.14
3.14



341
342
343
344

[rradiation Embrittlement eececeecsesccscosscccssccccssse

Claddlng OX|dat|0n 000 0000000000000 0000060000600060000000
Fuel OX|dat|On 00 060000000000 006000060000600006000000FCGIIOINTGITS

Strain Rate Embrittlement eceeesscsesccecscsccssscscsns

35 SUMVARY (F DEGRADATION MECHANISMS AND MODELING eeeescescscses

40 CLADDING TEMPERATURE LIMITS FOR INERTED [RY STORAGE
(F ZIRCALOY-CLAD SPENT FUEL eececsssccoccsccsscscccsccsscccscccocs

41 RECOMMENDED INERTED DRY STORAGE TEMPERATURE LIMITS eeeeccoces

411

412

413

Generic Inerted Dry Storage Cladding
Temperature MOdeI 000 000000000000 000006000600600000COCKCIIS

Inerted Dry Storage Cladding Temperature
Limits for SpeCifiC Spent Fuel wassssssssssnssnnnmnnnn

Factors Affecting Spent Fuel Gas Pressure
Durlng Dry Storage 000000 GO COOCIOPOCCEEOOOORONOEOISLOEOPONONONOIOSNODS

4.2 MODELING CF INERTED DRY STORAGE CLADDING TEMPERATURES seseses

43  CLADDING TEMPERATURES DURING CASK DRYING OPERATIONS ee¢eeseosce

5.0 REFERENCES 00 0000000000080 000000000000060000000006006000000000008000100

APPENDIX A

ZIRCALOY DEGRADATION MECHANISMS:  STRESS

CORROSION CRACKINGN\D HYmE\I 00 0 008 00000000000 0OCGEONNOGIDBSILIOGIODS

APPENDIX B

APPENDIX C

APPENDIX D

APPENDIX E

THEORETICAL DISCUSSION N DELAYED HYDRIDE CRACKING esssess
AXIAL HYME\I DIFFUSION 00 000000000 00000000 COCOSOIOSTOIOSIOIONOEOIOIITOS
CREEP RUP-IIJRE MODELING 00 0080000000000 0000000000000800000000

STATUS F INERTED DRY STORAGE TECHNOLOGY eseecsscscccccces

3.14
3.15
3.15
3.16
3.16

4.1
4.2

4.3

4.7

4.10
4.13
4.16
5.1

A.1
B.1
C.1
D.1
E.1



3.1

3.2

4,1

4.2

4.3

4.4
4.5

A.1

A.2

A.3

A.4

A5
B.1
B.2

B.3

B.4
B.5
B.6

B.7

FIGURES

Comparison of Predicted and Measured Creep Rates at 400°C wsnususs

Comparison of Predicted and Measured Creep Time to Fracture

at 400°C G0 00000000 0000000000800 000000000¢009 00 C00C0CCFCCEIOIIPOPIOIEPROIOGEONINOIECOGETS

IDS Cladding Temperature Limits for Spent Fuel Aged 5 YearS sumsus

Comparison of IDS Cladding Temperature Limit Curves for
Spent Fuel of Varying AQJES seecesssscscscsccsssscsssscsscesscccsccse

Graphical Determination of Specific IDS Cladding
Temperature Limit for Example Spent FUEl eeecesccescsasccscsssssscs

ORIGEN2-Predicted Helium Production from Actinide Decay ssssssssns

Predicted Helium Production from Actinide Decay for
a. SpeC|f|C Spent Fuel ROd GO 0O ED OSSPSR COCOSOSIOPIOOSNOINSONOBSNOSIOIOIOSIOIEOEEDONOIITOEDOLES

Relationship Between Stress Intensity and Crack Growth Rate
for ercaloy at 3500C PO 000 00PN OO0 PPOCEOPOPORNROPNOOOSNOINESINOIOOEOIOSEPOPOIETOTPTITS

Crack Growth Rates Extrapolated to a Stress Intensity
of 16 MPaﬂfﬁ for Zircaloy at 350°C.. Ry

Stress Corrosion Crack Depth for Zircaloy as a Function
of Time for an IDS Temperature HiStory EEEEEEEEEEEEEEEEEEEEEEEEEER

Initial Cladding Stress Intensity for Various Crack Depths
In Zirca.loy Spent Fuel Claddlng OGP 00000000 GOSN POIOIOSIOINPNOIOIBIONOSIOSGOSOTTOINPOEDNS

Crack Growth Rates in Zircaloy-2 Due to I-SCC and DHC ssssssssssss
Schematic of Crack GeOmMetry sseessesesccsscccscscscscssessccssccse
Hydrostatic Stress as a Function of Distance from Crack Tip ssususas

Schematic of Relationship Between Crack Growth Rate and

Stress INteNSity eeceececsccccsseesssssssccescscesssccscscocsscscscsessne
Crack Geometry with Definition of Plastic ZONe swsssssssssssssusnus
Hydrostatic Stress as a Function of POSitiON sssssssssssssssnnnnes
Hydrogen Concentration as a Function of P0SitiON ssssssssssssssnns

Schematic of Criteria for Hydride Nucleation ssssssssssssssssssses

X1

3.6

3.7
4.4

4.5

4.9
4.13

4.14

A.2

A.3

A.8

A.11
A.12
B.3

B.4

B.5
B.8
B.8
B.9

B.10



B.8

B.9
B.10
C.1
Ce2
C.3

C.4

C.5
C.6

D.1

D.z

D.3

D.4

De5

D.6

De7

E.1

E.2

Time Evolution of Hydrogen Redistribution During Hydride
NUCIeatlon and Growth 0000 0000000000000 0000000000000 000006000CCCKIIIITS

Hydrogen Redistribution During Heating or Co00liNg seeeccssccscscse
Hydrogen Redistribution During C00liNg eceeseescccsssssccsssccscss
Axial Temperature Profile eeeecscesecssscessscscsssscsceccscsscccane
Maximum Cladding Temperature as a Function of Decay Heat sssssssss

Maximum Cladding Temperature as a Function of Time After

Reactor DISCharge 0000000000600 00000000000000006000000600000000000000

Semi-Log Plot of Maximum Cladding Temperature as a Function
of Time After Reactor DiSCharge seececceccssccscescsscsscscccescses

Fuel ROd and Hyd“de DepOS|tS EEEEEEEEEEEEEEEEEEEEEENEEEEEEEEEEEEETSR

Axial Hydrogen Distribution Observed in Fuel Rod Zircaloy
Claddlng from the Turkey Point Unit 3 ReactOr sssssssssssssssssnns

Deformation Map for Zircaloy with Constant Stress
and Strain Rate CONtOUIS seeesssccscscsscscsssccssssssscosssssscse

Fracture Map for Zircaloy Generated Using Strain Rates
from Deformatlon Map 0000 000000000000 00000000000000000060006060000000

Predicted Strain Rate Contours at 350°C Compared with

EXpe”mentaI Da.ta 00 000000000 000000000000 000000000060006000000000000

Predicted Time to Fracture at 350°C Compared with
EXperImentaI Da.ta 00 0000 000000000000 000000000000 COCDRNIOIOGIOGIOINDONIOIPONOTIOEOEONOEEOSIOVOIDS

Time and Temperature Dependence of Recovery Factor

In Zirca]oy GO OO OGO OO0 OGO CPPPOOSOPOOIOOEOOOOPOBOIOSIONROINBNOIOSEONOEOIOEDILIOIPOIOSDIOIDS

Comparison of Predicted Strain Rates with FRG

EXpe”mentaI Data 00 0800600000000 000000600000000060000000000000VFPTCCIIPCGIIYS

Comparison of Predicted Fracture Times with FGR

EXpe”mentaI Data GO0 SO0 00050000000 0000000600006006006000600000BICGISIIOGIOIOS

Projected Number of Spent Fuel Assemblies in Excess of
Available Onsite Storage CapacCily esesessccescssccscsssscccccossse

Distribution of Stored Spent Fuel as a Function of
Assembly_AVerage Burnup 00 00O POOOO PGP OO OOOPOOOGOOSSPOINNESEOINOEOIOIOGEOIOIOIPOSTEIES

Xii

B.11
B.13
B.14
C.4
C.b

Ce7

C.9
C.10

C.11

D.2

De5

D.6

D.7

D.9

D.12

D.13

E.2

E.3



e

3.1

B.1

C.l

C.2
0.1

E.l

E.2

E3

TABLES

Summary of Zircaloy Cladding Degradation Mechanisms During IDS.. «s

Time to Constant Crack Growth Rate as a Function of

Temperature © 0 006800628000 800000000000000006000000600800000006000060s000000s

Decay Heat for BAR Spent Fuel as Determined from ORIGEN2

Predlctlons O 0 80 8 000 0 060050002 O OO PSSR DOLEBOPEEPPLELNIONSSBNOSEEOIEDSIOSNESETESDINDS
Constants Used in Hydrogen Redistribution CalculationS sssssssssuns
Strain Rate Data from the Federal Republic of Germany .seeeeecesces

Laboratory/Hot Cell Tests Involving Zircaloy-Clad

Spent Fuel EEEEEEEEEEEEEEEEEE NN NN EE NN NN NN NN NN NN NN NN NN NN NEEEEENEENETSR

Dry Storage Demonstrations Involving Zircaloy-Clad

Spent Fuel 00006000000 000000606000000000000006006000060000008060600000000

Dry Storage Cask Demonstrations in the United StateS sussssssssnns

Xiii

3.17

B.15

C.7
C.10
D.11

E.10

E. I

E.14



10  INTRODUCTION

The commercial light-water reactor (LWR) power industry primarily uses
fuel composed of UO2 clad with Zircaloy. At the end of its useful irradiation
period, the fuel is removed from the reactor and placed in water storage for
cooling and radiation shielding. This "spent" fuel (Zircaloy-clad U02 fuel
that has concluded its useful in-reactor life) is expected to remain in water
storage until it is sent offsite for final disposition. However, the amount of
spent fuel now exceeds, or is projected to exceed, the wet storage capacity at
many reactor sites.(a) Therefore, alternatives to wet storage of spent fuel
are becoming important to the commercial nuclear power industry. The current
primary alternative to wet storage of spent fuel is dry storage using an inert
cover gas (referred to as inerted dry storage or IDS). |Inerted dry storage is
proving to be a practical storage method and is currently being licensed for
use in the United States and abroad.

In 1980, the US  Nuclear Regulatory Commission (NRC) specified in
10CFR72, Licensing Requirements for the Storage of Spent Fuel in an Independent
Spent Fuel Storage Installation (ISFSI), that during dry storage

[part 72.72(h)(1)]: "The fuel cladding shall be protected against degradation
and gross ruptures.” A modification to this regulation has been proposed(b)
(approval anticipated for fall 1987) that more clearly defines cladding
degradation. This modified regulation 10CFR72.92(h)(1) will read: "The spent
fuel cladding must be protected against degradation that leads to gross
ruptures or the fuel must be otherwise confined during storage such that degra-
dation of the fuel during storage will not pose operational safety problems
with respect to its removal from storage. This may be accomplished by canning
of consolidated fuel rods or unconsolidated assemblies or other means as appro-
priate." Meeting this NRC regulatory requirement, if canisters are not used,
means that the Zircaloy cladding must maintain sufficient integrity during IDS

(a) Reracking, transshipment, and consolidation are considered to be aspects
of wet storage.

(b) Published in the Federal Register, May 27, 1986, Vol. 51, No. 101,
ppe. 19106-19132.



to provide adequate confinement of the irradiated U0, to prevent significant
releases of radioactive particles during IDS and associated handling
operationsa

The Dry Storage Licensing Support Project of the Commercial Spent Fuel
Management (CSFM) Program(a) has the broad objective of supporting licensing
activities for IDS through experimental programs and analyses. One element of
the work has been to recommend cladding temperature limits for IDS (Levy et al.
1987) such that the Zircaloy cladding will be acceptably protected against
breach and gross ruptures due to creep and will continue to confine the
irradiated U02. Cladding temperature limits, rather than cladding stress,
strain, or corrosion limits, are specified because temperature is a parameter
that affects each of the other possible types of limits and can be monitored
and controlled during IDS.

11 OBJECTIVES

The objectives of the activities described in this report were to 1) iden-
tify possible Zircaloy degradation mechanisms and evaluate their applicability
to potential cladding breach during IDS, 2) develop predictive deformationl
fracture models of the cladding based on the dominant Zircaloy degradation
mechanisms, and 3) recommend cladding temperature limits to control Zircaloy
degradation during IDS.

It is anticipated that the information provided in this report together
with the creep-derived cladding temperature 1imits recommended by Levy et ala
(1987) will serve as the technical background for licensing activities related
to IDS.

12 REPORT OVERVIEW

Preventing gross rupture of the cladding is specified in 10CFR72.92(h)(1)
to prevent the release of significant quantities of irradiated UO2 (including

(a) The CSAM Program is managed by Pacific Northwest Laboratory (PNL), which
is operated for the US Department of Energy (DOE) by Battelle Memorial
Institute under Contract DE-AC06-76RLO 1830.

1.2



fission products) to the storage environment. The definition of gross rupture
is based on the potential consequences of the released material on spent fuel
handling operations: if additional filtration, confinement, or handling
equipment would be required because of the material released via the rupture,
then the rupture may be considered excessive (gross). The objective of confin-
ing the radioactive material is to prevent unnecessary radiation exposure to
workers during spent fuel handling subsequent to IDS. Thus, a small breach of
the cladding (e.g., a pinhole or hairline crack) that would release fission gas
but not irradiated U0y particles would not be considered a gross r‘upture.(a) A
large rupture (e.g., cracked and split cladding) that could release significant
amounts of radioactive material and thus affect handling requirements would be

considered a gross rupture.

To meet regulatory requirements, technical criteria are commonly speci-
fied. For example, to ensure that the cladding is adequately protected,
possible criteria might include an inert cover gas to prevent Zircaloy and U0,
oxidation, a cladding strain limit to limit deformation, and/or a failure rate
limit. No quantitative criteria for cladding strains or failure rates have yet
been specified for IDS, although operating temperature limits have been speci-
fied. The creep-derived cladding temperature limits recommended by Levy et al.
(1987) result in limited cladding diametral strain (<1%) and limited cladding
breach probability (<0.5% per spent fuel rod).

To assure that cladding degradation and gross rupture do not occur, four
steps were undertaken. First, possible Zircaloy degradation mechanisms were
identified. Second, the degradation mechanisms were evaluated as to their
applicability during IDS. Some of the possible mechanisms are precluded by the
specifications of IDS (i.e., Zircaloy and U0, oxidation cannot occur with an
inert cover gas). Third, degradation mechanisms of principal concern were

(a) In MacDonald (1984), the NRC stated that in regards to transportation of
spent fuel "known or suspected failed fuel assemblies (rods) and fuel with
cladding defects greater than pinholes and hairline cracks are not
authorized."  Therefore, the NRC does not consider pinholes or hairline
cracks to be gross spent fuel ruptures.



modeled for analysis and prediction. And fourth, a methodology was developed
to predict allowable cladding temperatures for IDS assuming a 40-year storage
period.

The identification, evaluation, and modeling of Zircaloy degradation mech-
anisms are summarized in Section 3 Additional detailed discussions on Zir-
caloy degradation may be found in Appendices A B, and C Appendix A presents
an overview of crack growth behavior, stress corrosion cracking (SCC), and
delayed hydride cracking (DHC) ; Appendix B describes a qualitative model for
QHC; and Appendix C describes a hydrogen diffusion model.

It will be demonstrated in Section 31 that creep rupture is the primary
mechanisn that could cause a through-wall cladding crack (breach). The
behavior of creep deformation and failure has been modeled, and this model is
summarized in Section 32; supporting details are presented in Appendix D

The creep rupture model forms the basis for a methodology that defines the
allowable maximum cladding temperatures during IDS. The predictive methodology
and recommended temperature limits, developed as part of the CSAM Program and
reported by Levy et al. (1987), are summarized in Section 41 Supporting the
temperature limit methodology is modeling of spent fuel cladding temperatures
during IDS. Computer codes are currently capable of predicting cladding
temperatures to within +30°C of the temperatures measured during metal cask
demonstration tests (Section 4.2).

Inerted dry storage is now being licensed for use in the United States and
abroad. A number of IDS systems are being offered and evaluated for future
use. An overview of the current status of IDS technology is presented in
Appendix E



20  CONCLUSIONS A\D RECOMMENDATIONS

In this section, specific conclusions are presented regarding Zircaloy
degradation mechanisms and cladding temperature limits during IDS. The current
status of dry storage experience is discussed, and recommendations are made

regarding IDS.

21 ZIRCALOY DEGRADATION MECHANISMS

Degradation of Zircaloy during IDS may lead to cladding breaches in spent
fuel. The driving force for the principal degradation mechanisms is cladding
stress, which is a function of the gas pressure differential across the clad-
ding. Once the cladding has been breached (usually a pinhole or hairline
crack),(a) the pressure differential and resulting cladding stress are
relieved. With the stress relieved, there is no driving force to enlarge the
breach and therefore no gross rupture.

The principal Zircaloy cladding degradation mechanisms are creep rupture,
SCC, and DHC. Creep rupture is the most likely type of cladding breach for the
IDS cladding temperature and stress regimes. Creep deformation and fracture
maps that define the temperature/stress regimes of various creep deformation
and fracture mechanisms have been developed and validated by comparison with

experimental data.

Specific conclusions related to Zircaloy degradation mechanisms include

the following:
e The most likely Zircaloy cladding breach mechanism is creep rupture.

® The critical stress intensity levels for SCC and CHC are 3 and
12 MPa+/m, respectively. Spent fuel cladding stress intensities
during IDS(b) will be lower than these critical levels. Therefore,
S and CHC are not expected to be Zircaloy cladding breach
mechanisms during IDS.

(a) Cubicciotti, Jones, and Syrett 1980; Mattas, Neimark, and Yaggee 1980.
(b) It is assumed that reasonably maximum IDS cladding conditions are stress
equal to 70 MPa and stress intensity equal to 16 MPa*/m.
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The critical iodine concentration level for SCC is 5 x 1078 g/cm2.
Spent fuel free iodine concentrations are below this critical concen-
tration. Therefore, SCC is not expected to be a cladding breach
mechanism during IDS.

Radial reorientation of hydrides requires a stress level of at least
100 MPa. Spent fuel cladding stress levels during IDS(a) will be
below this stress level; therefore, radial reorientation of hydrides
is not expected to be a cladding degradation mechanism during IDS.

Predicted hydrogen redistribution within the spent fuel cladding is
not significant and is therefore not expected to be a cladding deg-
radation mechanism during IDS.

A spent fuel cladding breach due to radiation embrittlement requires
a stress intensity of >40 MPasYm, Spent fuel cladding stress
intensities during IDS(a) will be lower than this critical level.
Therefore, irradiation embrittlement is not considered to be a
significant cladding degradation mechanisn during IDS.

Zircaloy and U02 oxidation are precluded by the inert gas atmosphere
and are therefore not credible cladding degradation mechanisms during
IDS (as long as no oxygen is allowed into the storage cask).

Cladding stress levels during IDS(a) are insufficient to promote
cladding strain rate embrittlement; a stress level of >150 MPa is
required.

CLADDING TEMPERATURE LIMITS DURING INERTED DRY STORAGE

Based on 1) the creep deformation and fracture maps for Zircaloy and 2) a

conservative decay heat/cladding temperature history for IDS, a model was

developed that defines the maximum allowable cladding temperature as a function

of cladding stress (Levy et al. 1987). This model accounts for fuel design,

(a)

It is assumed that reasonably maximum IDS cladding conditions are stress
equal to 70 MPa and stress intensity equal to 1.6 MPa+/m,

2.2



burnup level, and length of cooling period and thus provides specific cladding

temperature limits rather than a single generic limit.

Specific conclusions related to cladding temperature limits and other tem-

perature issues include the following:

® The probability for cladding breach, using the cladding temperature
methodology, is <0.5% for a spent fuel rod stored at the cladding
temperature limit.

® Computer codes for predicting cladding temperatures within IDS sys-
tems are currently within t30°C of experimentally measured cladding
temperatures.

® Decay heat levels for spent fuel can be predicted within 10% o f
experimentally measured levels for periods of up to 10 years. The
codes generally overpredict decay heat levels and are thus conserva-
tive for providing decay heat values for temperature prediction

codes.

® Spent fuel gas pressure increases during IDS as a result of helium
production from actinide decay will be negligible. Fission gas
release during IDS will also be a negligible contributor to spent

fuel internal gas pressure.

® Spent fuel cladding temperatures during cask drying operations are
not expected to exceed the recomniended temperature levels. However,
should short periods in excess of the recommended temperature levels
occur, they should not be detrimental.

23  STATUS CF DRY STORAGE EXPERIENCE

Two IDS facilities were licensed at commercial nuclear power reactor sites
in the United States during 1986: one at the Surry power reactor, using
CASTOR-V/21 metal casks, and the other at the H B. Robinson site, using the
NUHOMS concrete module system. Several other manufacturers have submitted
topical reports to the NRC for either metal casks or other dry storage systems

for evaluation and approval.



Experience with dry storage of Zircaloy-clad spent fuel has ranged from
single-rod hot cell tests, to multiassembly storage system characterization
tests, to licensed dry storage facilities. More than 30,000 Zircaloy-clad
spent fuel rods have been subjected to dry storage conditions, of which more
than 18,000 were irradiated in LWRs, Only two Zircaloy-clad spent fuel rods
have been reported as developing breached cladding during dry storage. One of
the rod breaches occurred during a test using air as the cover gas; the other
cladding breach occurred during storage in helium. The causes of the cladding
breaches have not been determined, and no examinations are planned.

24  RECOMMENDATIONS FCR INERTED DRY STORAGE

It is recommended that the CSAM IDS cladding temperature model, based on
cladding creep during IDS and reported by Levy et ala (1987), be used for spent
fuel IDS licensing. This model accounts for specific spent fuel characteris-
tics, limits the probability of cladding breach (pinholes or hairline cracks)
for a limiting spent fuel rod to <0.5% over a 40-year period, and is associated
with cladding strain levels of -1%. Other cladding degradation/breach mecha-
nisms such as SCC and DHC require cladding stress levels in excess of those
associated with the CSAM IDS model and are therefore not considered credible

cladding degradation/breach mechanisms.

Cask drying operations may possibly expose spent fuel cladding to tempera-
tures in excess of the CSAM IDS temperature limits. If this should occur, it
is recommended that cladding strain from creep be limited to 01% during the
cask drying operation. A strain of 01% may result from a temperature of 450°C
for 8 h.
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3.0 ZIRCALOY DEGRADATION MECHANISMS AND MODELING

Degradation of Zircaloy during IDS may lead to breaching of the fuel rod
cladding. This section identifies several Zircaloy degradation mechanisms,
evaluates the applicability of those mechanisms to IDS, and presents
appropriate degradation models.

Possible cladding breach mechanisms for spent fuel during IDS are creep
rupture, SCC, and hydrogen-related failure mechanisms. Creep rupture (Sec-
tion 3.1) is the most likely mechanism that could cause a cladding breach and
is the principal basis for the IDS temperature limits presented in Section 4.1
A methodology for predicting the degree of creep rupture (cumulative damage) is
presented in Section 3.1.2. The temperature and stress limits established to
prevent cladding breach by creep rupture are also shown to prevent cladding
breach caused by SOC (Section 3.2) and hydrogen-related mechanisms
(Section 3.3).

Additional mechanisms known to degrade Zircaloy cladding are presented in
Section 34 and are shown to not be significant during IDS. These additional
mechanisms include Zircaloy irradiation embrittlement, Zircaloy oxidation, U0,

oxidation, and Zircaloy strain rate embrittlement.

Cladding breach by a crack growth mechanism requires the pre-existence of
a crack. These pre-existing cracks (incipient defects) may result from manu-
facturing defects and/or irradiation. Tasooji, Einziger, and Miller (1984)
have determined that 1%of spent fuel rods would have a defect greater than
0.13 mm deep. Therefore, for this report, a maximum pre-IDS defect depth of
0.13 mm (-20% of the cladding thickness) has been assumed for the evaluation of

crack growth mechanisms.

The cladding degradation mechanisms to be presented in this section com-
monly have a threshold cladding stress, or stress intensity, for the mechanism
to be operative. To compare these degradation thresholds to expected condi-
tions for spent fuel in IDS, a maximum cladding hoop stress of 70 MPa (cladding
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stress intensity of 1.6 MPa-\/ﬁ)(a) is assumed for spent fuel in IDS. To illus-
trate that this is a likely maximum spent fuel cladding stress, a pressurized
water reactor (PWR) spent fuel rod with a gas pressure of 6 MPa at 25°C
(approximately double the preirradiation value and signifying a very large
amount of fission gas release during irradiation) would have a hoop stress of
53 MPa at 400°C. This value is 76% of the assumed maximum cladding hoop stress
of 70 MPa used in the following analyses.

An important point to consider in the following discussions is that once a
crack breaches the cladding the driving force to continue propagating the crack
is removed. The driving force for crack propagation in spent fuel is the
stress caused by the pressure differential between the fill gas of the spent
fuel(b) and the cover gas. Once the cladding is breached, the pressure differ-
ential is relieved and the stress on the cladding is removed. Therefore, the
identified degradation/cladding breach mechanisms should result in pinhole or
hairline crack cladding breaches that release gas but not in gross ruptures
that could release spent fuel particles (Cubicciotti, Jones, and Syrett 1980;
Mattas, Neimark, and Yaggee 1980).

3.1 CREEP RUPTURE

Failure of the Zircaloy cladding by creep rupture is caused by the forma-
tion of microscopic cracks/cavities within the material. These cracks and
cavities result in a reduced cross-sectional area of the cladding and subse-
quent failure of the cladding to bear the imposed pressure load. Cladding
failures of this type are generally material failures and are not dependent on
outside influences such as cover gas or reactive materials (e.g., iodine or

(a) Stress intensity may be related to cladding hoop stress and crack size by
the following equation:

K.i = 1.120’"1Ta
where K; is the stress intensity, o is the stress, and a is the crack
length 1(Ro]fe and Barsom 1977).

(b) The fill gas of the spent fuel is a mixture of the initial fill gas and
fission gas released from the U0, matrix to the free void volume during
irradiation. The pressure of the fill gas depends on the volume of the
fill gas, the temperature of the fill gas, and the free void volume.



hydrogen) within the cladding. The presence of incipient defects affects creep
rupture by increasing local stresses through a reduced cross-sectional area.

Experimental measurement of the creep rupture lifetime of Zircaloy clad-
ding is the most desired basis to determine expected creep rupture lifetimes
during IDS. Direct experimental measurements, however, are not practical for
two reasons: test periods are too long and too many tests are required, Long
testing periods are required to experimentally measure material behavior over
the anticipated licensing period of 40 years. Many dry storage temperature and
stress histories would need to be studied for the different types of spent fuel
and types of storage cask designs. Specific temperature/stress histories must
be evaluated because the creep degradation kinetics decrease with increasing
time as the temperature and stress levels decay with time. The decreasing
kinetics significantly affect the expected creep rates and rupture lifetimes.

Calculated cumulative creep damage for decaying temperature and stress
histories has been used as a basis to develop initial temperature and stress
limits for IDS of spent fuel. These limits are described in Section 41 and
specify the maximum initial IDS temperatures at which fuel can be stored for a
given cladding stress without being breached by creep rupture. The creep
rupture model provides a reasonable prediction of creep rupture lifetime for
the following reasons: 1) it properly accounts for IDS thermal and stress
histories; 2) it includes mechanism-based temperature and stress dependencies
for creep behavior; and 3) it is consistent with experimentally measured creep
strains, rupture times, and failure strains.

311 Creep Deformation and Rupture Mechanisms

According to Chin, Khan, and Tarn (1986), the creep rate/mechanism of Zir-
caloy varies with temperature and stress. At high temperatures and high
stresses, creep is dominated by high-temperature dislocation climb with the
climb rate controlled by lattice diffusion. For low temperatures and low
stresses, creep is dominated by grain boundary sliding, which is controlled by
grain boundary diffusion, The transition temperature between mechanisms is
about 300°C at 100 MPa, 400°C at 50 MPa, and 500°C at 20 MPa. A transition in
creep mechanism has also been reported by Keusseyan (1985) at 400°C and 120 MPa



for Zircaloy-2. This transition was also interpreted as a shift to grain
boundary sliding at lower temperatures.

The interpretations of the temperature and stress dependencies of creep
rupture times are more complicated than for creep rate (Chin, Khan, and Tarn
1986). The rupture time depends on both the creep rate and the grain boundary
fracture resistance. Intergranular fracture mechanisms dominate creep rupture
times at temperatures of interest for IDS. At stresses above -150 MPa, frac-
ture occurs by triple-point cracking. At stresses below -150 MPa, fracture
occurs by grain boundary cavitation. Rupture time is more strongly affected by
stress during high-stress triple-point cracking than during low-stress cavita-
tion fracture for a given strain rate.

Microstructural studies have revealed evidence for the grain separation
processes proposed in the creep rupture models, but quantitative validation of
the mechanisms for rupture are not practical for the required spent fuel life-
times in excess of 40 years. Evidence for triple-point cracking has been

1 and at

reported by Kubo et al. (1985) for zirconium strained at 44 x 107° s~
350°C. Evidence for cavitation damage has been characterized by Keusseyan
(1985) for Zircaloy-2 at temperatures from 350 to 400°C and at stresses near

100 MPa.

312  Creep Rupture Modeling

Creep deformation and failure mechanisms in nonirradiated and irradiated
Type 316 stainless steel can be predicted using deformation and fracture mecha-
nism maps. These maps simultaneously display several deformation or failure
modes in the form of a schematic diagram of temperature/stress space. Such
maps enable prediction of the dominant deformation mechanism and failure mode
for various temperatures as well as varying irradiation histories. Zircaloy
deformation and fracture maps have been developed by Chin, Khan, and Tarn
(1986) as part of the CSAM Program and have been used in determining IDS
cladding temperature limits.

Deformation and fracture maps are usually constructed with normalized
stress on the ordinate and homologous temperature on the abscissa. Two
distinct approaches to constructing the maps have been adopted: experiment

3.4



4

based and model based. For the experiment-based approach, a large number of
data points (derived from tests on different specimens) are placed on the map
with the deformation or fracture mode associated with each point identified.
Lines are then drawn on the map to indicate the approximate boundaries between
the different deformation or fracture processes.

To generate model-based fracture maps, theoretical expressions for times
to failure are numerically evaluated for possible fracture mechanisms under the
assumption that the mechanism with the shortest failure time controls the
fracture. Similarly, deformation maps are generated by numerically evaluating
different deformation mechanisms and determining which deformation mechanism
has the highest deformation rate. In the construction of deformation and
fracture maps, the various mechanisms are assumed to operate independently.
This concept is an oversimplification of the actual process because mixed modes
of fracture occur and because damage introduced by one mechanism can affect
another. However, the deformation and fracture maps do allow the prediction of
dominant deformation and failure modes over a wide range of temperatures and
stresses and represent a reasonable approach in the absence of more detailed
information. The details of developing the deformation and failure maps for
the CSAM creep model are summarized in Appendix D and were presented in Chan,
Khan, and Tarn (1986).

Measured creep rates have been reported for Zircaloy at temperatures and
stresses within the temperature and stress regimes expected for IDS. A compar-
ison between CSAM creep model predictions and measured data at 400°C is shown
in Figure 31 The model prediction represents a reasonable fit of the data at
stresses relevant to dry storage and is conservative when the data are sorted
according to the type of metal or alloy used for the measurement. The creep
rate data of Pahutova and Cadek (1973) indicated a higher creep rate than the
model prediction; but those data were for zirconium metal, which is less resis-
tant to creep than Zircaloy. The data demonstrating lower creep rates than the
model prediction are for typical Zircaloy alloys that are of interest for dry
storage predictions. In particular, the data obtained by Peehs and coworkers
in the Federal Republic of Germany (FRG) (discussed in Appendix D) indicate
that the predicted creep rates are reasonable and conservative.
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FIGURE 3.1. Comparison of Predicted and Measured Creep Rates at 400°C.
The middle curve is the prediction; the outer curves are
order-of-magnitude shifts of the prediction.

The CSAM creep model accounts for the transitions in creep rate and grain
boundary fracture processes when extrapolating measured rupture times to lower
stresses and lower temperatures for dry storage predictions. The load relaxa-
tion tests of Keusseyan (1985) do not quantitatively validate the modeled
transition but do verify that lower stress exponents are expected for creep at
the lower stresses relevant to dry storage. The CSAM creep model, therefore,
accounts for this transition and does not underestimate the creep rate as
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empirical creep models would when based only on high-temperature and high-
stress creep rate data. Predictions of creep rupture time illustrate the
strong stress dependence expected at high stresses and the weak stress

dependence expected at low stresses, as shown in Figure 3.2.
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FIGURE 3.2. Comparison of Predicted and Measured Creep Time to Fracture
at 400°C. The middle curve is the prediction; the outer
curves are order-of-magnitude shifts of the prediction.
Curves given in Figure 16 of Chin, Khan, and Tarn (1986) are
in error and have been corrected here. Arrows indicate that
fracture did not occur.
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Empirical creep models such as the Larson-Miller parameter approach
(Blackburn et al. 1978) overestimate the rupture times for dry storage tempera-
tures and stresses. The empirical models incorrectly assume that behavior
evaluated at high temperature and stress levels, with high temperature and
stress dependencies, may be adequately extrapolated to low temperature and
stress levels. However, the temperature and stress dependencies found at high
temperatures and stresses do not exist at low levels; therefore, empirical
models underestimate the creep rate at dry storage conditions and overestimate
failure times.

The analytical form of the CSAM creep model facilitates computer calcula-
tion of creep rates and rupture times for the multiple temperatures, stresses,
and mechanisms that exist during dry storage of spent fuel in a given cask.

The model predictions reasonably account for the decrease in the temperature
and stress sensitivities for creep behavior at low temperatures and stresses.
The CSAM creep model also retains the benefit of empirical models in that it
uses the data to calibrate predicted creep rates and rupture times for tempera-
tures and stresses at which data are available.

Chin, Khan, and Tarn (1986) made the following primary conclusions regard-
ing creep modeling:

® Fracture and deformation maps provide acceptable methods for extrapo-
lating creep rupture data over large ranges of temperature and
stress.

® Experimental data are in agreement with deformation and fracture map
predictions. Strain data are best predicted by lower boundary strain
rate predictions.

® Flaws in the spent fuel cladding are expected to increase the fre-
quency of cladding breach by creep rupture, with the breach charac-
terized by slow fission gas leakage through a pinhole crack.

® Annealing of irradiation damage during the initial storage period may
be advantageous to long-term reliability of Zircaloy cladding during
IDS.



Creep rupture strain is a measure of resistance to fracture that can be
used as an alternative failure criterion to a rupture time criterion. Such an
alternative is desirable because of the absence of measured creep rupture time
data at lower temperatures and stresses of interest for IDS. Calculations
reported by Levy et al. (1987) demonstrated that a failure criterion based on a
1%creep strain resulted in temperature limits not significantly different from
those based on cumulative creep damage. Measured failure strains for Zircaloy
in the absence of iodine are reported to be greater than 1%(Porsch, Fleisch,
and Heits 1986). Therefore, failure is not expected at the creep model tem-
perature 1imit (discussed further in Section 4.1) because the Zircaloy strains

at that limit (-1%) are too low to expect failure.

32 STRESS CORROSION CRACKING

The susceptibility of Zircaloy to iodine stress corrosion cracking (I-SCC)
has been conclusively demonstrated (Cubicciotti and Jones 1978). Therefore,
the influence of I-SCC on Zircaloy cladding integrity during IDS is of practi-
cal concern. Stress corrosion cracking requires two conditions in addition to
material susceptibility: an aggressive chemical environment and adequate
stress levels.

A threshold iodine concentration has been determined below which I-SCC has
not been observed. Also, a threshold cladding stress has been determined for
crack initiation. Once initiated, the stress must be sufficient to propagate
the crack at a rate that would cause failure during the 40-year IDS period.

The summary presented below and the analysis in Appendix A demonstrate
that 1-SCC is not considered a significant degradation/cladding breach mech-
anism for Zircaloy in IDS because spent fuel iodine concentrations and cladding
stresses expected during IDS are too low to promote I-SCC. Cadmium and cesium
have also been identified as crack-promoting elements; however, data
quantifying their effects on SCC are limited and require further research.



3.2.1 Threshold lodine Concentration

The threshold concentration of free iodine necessary for Zircaloy I-SCC(a)
has been experimentally determined to be greater than 5 x 10'6 g/cm2
(Cubicciotti and Jones 1978). Below this free iodine concentration, Zircaloy
cracking due to I-SCC has not been observed.

lodine concentrations in excess of the threshold concentration for [-SCC
are not expected in spent fuel during IDS. However, definitive data on free
iodine concentrations in spent fuel at IDS temperatures are lacking. Several
arguments may be made that indicate the free iodine concentration available in
spent fuel for |-SCC at IDS temperatures is negligible. Those arguments
include the following:

® A lack of evidence for [-SCC during IDS demonstration tests suggests
that insufficient free iodine for |-SCC is present in spent fuel
during IDS.

® Theoretical considerations indicate that the iodine should form
compounds with cesium and zirconium; in addition, iodine has been
observed to condense at temperatures <450°C (Genks 1979).

e Release of iodine from U0, is generally low at in-reactor fuel tem-
peratures (1000 to 1800°C) and will be negligible at IDS temperatures
(<400°C). Additionally, there is no radial temperature gradient to
act as a driving force for iodine transport from the fuel to the
cladding.

® Gamma radiolysis of iodine compounds has been observed for in-reactor
fuel. However, in-reactor gamma fluxes are three orders of magnitude
greater than IDS gamma fluxes (>1 x 109 R/h compared with
<1l x 106 R/h), suggesting that iodine available from radiolysis will
be inconsequential.

(a) That is, the threshold concentration of iodine in the fuel-cladding gap.
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® Thermal decomposition of CsI has been investigated by Hoffman and
Spino (1985). Experiments at 700°C and theoretical analyses indicate
that the quantity of iodine from CsI decomposition at IDS tempera-
tures is negligible.

322 Threshold Cladding Stress

Given some uncertainty in the estimate of iodine concentrations in spent
fuel during IDS, stress thresholds for cracking must also be considered.
Threshold cladding stress intensities, which are functions of both stress and
flaw size, have been measured for cracking of Zircaloy. The possibility of
cracking during IDS is related to the likelihood of having a flaw deep enough
in the cladding to have a stress intensity greater than the threshold stress
intensity.

The threshold stress intensity for SCC has been experimentally measured to
be -3 MPa+Ym (Cubicciotti and Jones 1978). For a 20% through-wall crack, a
stress greater than 130 MPa is required to exceed the threshold stress inten-
sity of 3 MPa«¥m; 1%o0f the spent fuel in IDS will have cracks penetrating >20%
through the wall (Tasooji, Einziger, and Miller 1984). This magnitude of
stress is greater than expected during IDS; therefore, 1-SCC is not considered
a likely cladding breach mechanism during IDS even if sufficient iodine were
available to promote cracking.

Given the unlikely event that I-SCC can be initiated, failure can only
occur if the crack grows to a significant depth during IDS. Analyses presented
in Appendix A demonstrate that SOC growth kinetics are sufficient to expect
through-wall penetration of cracks during IDS if the cracks are able to ini-
tiate and 1 ¥iodine concentration and cladding stress intensity thresholds are
exceeded. The temperature limit for preventing growth of a 013-mm crack (-20%
of the wall thickness) through Zircaloy cladding at 70 MPa is 290°C or about
100°C less than the corresponding creep rupture temperature limit (see Sec-
tion 4.1). Therefore, preventing I-SCC failures at the creep rupture tem-
perature limit requires maintaining the cladding stress intensity belowv the
threshold for I-SCC cracking. Maintaining the iodine concentration below its
respective threshold will also prevent I-SCC; however, iodine concentration is

not a controllable variable.



33  ZIRCALOY DEGRADATION BY HYDROGEN

Hydrogen is known to affect cracking of Zircaloy. The following three
aspects of the effect of hydrogen on Zircaloy were considered:

® DC is a process that occurs because of hydride precipitation at the
tip of a crack and subsequent fracture of the brittle hydride. The
cracking is a time-dependent stable crack growth process and can
occur at velocities that are comparable to SCC. Similar to the case
of SCC, DHC only occurs if the stress intensity is greater than a
threshold value.

® Hydride reorientation can occur in Zircaloy and reduce the fracture
toughness. This reduction in fracture toughness may cause brittle
failure of the Zircaloy under conditions where failure would not
otherwise occur.

® Hydrogen redistribution occurs in gradients of temperature, stress,
and concentration. This redistribution can cause local accumulations
of hydrogen and excessive hydridings. Because axial temperature gra-
dients exist in the cladding during IDS, the possibility of hydrogen
redistribution effects on Zircaloy degradation must be considered.

3.3.1 Delayed Hydride Cracking

The general DHC process begins with precipitation of a hydride at the
crack tip. The stress gradient at the crack tip provides a driving force for
preferential hydride precipitation in the tensile stress field in front of the
crack tip. If the crack tip stress is greater than the fracture stress of the
brittle hydride, the hydride fractures and crack growth occurs. A decreasing
temperature history, as occurs in IDS, promotes the repeated precipitation of
hydrides at the crack tip as the crack grows. A theoretical DHC model is pre-
sented in Appendix B.

There are three basic requirements for DHC. incipient defects or cracks;
the presence of hydride at or near the crack tip; and sufficient stress to
propagate the crack. Incipient defects and cracks are present as a result of
the manufacturing process and irradiation. Hydrogen is present in the cladding
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as a result of alloy impurities and in-reactor corrosion, and cooling of the
cladding following irradiation promotes the precipitation of hydrides.

The high stresses required to crack a hydride exist only in front of a
deep crack. The critical stress intensity for DHC is -12 MPa+/m, which i s much
greater than cladding stress intensities expected during IDS (<1.6 MPa+/m).
Additionally, at the high stress intensities required for DHC, SOC is the
dominant crack growth mechanisn

Cladding breach during IDS due to DHC is not expected because cladding
stress intensities during IDS are below the DHC critical stress intensity. 1IF
cladding stress intensities were above the critical stress intensity, SOC would
be the dominant crack growth mechanism. An extended discussion of DHC is
presented in Appendix A

332 Hydride Reorientation

A reduction in Zircaloy resistance to brittle fracture results from dis-
solution of circumferential hydrides followed by reprecipitation of radial
hydrides when cladding hoop stresses are sufficiently high. The reprecipita-
tion of radial hydrides occurs uniformly through the thickness of the cladding
in contrast to the local hydride precipitation that occurs at a crack tip dur-
ing DHC. Cracking caused by hydride radial reorientation is not time dependent
but occurs quickly once initiated. Radial reorientation of hydrides depends on
cladding texture (Kawanishi, Ishino, and Mishima 1974) and stress.

The stress required to radially reorient hydrides in Zircaloy is reported
to be 100 MPa (Coleman et al. 1985), although the photomicrographs in that
reference show only a small percentage of reorientation to radial hydrides at
stresses up to 250 MPa. Einziger and Kohli (1984) have reported observing
radial hydrides at 145 MPa but were unable to reach a conclusion as to the min-
imum stress required for hydride reorientation. Some evidence exists that
indicates that cooling rates may affect the minimum stress at which hydride
reorientation may occur (Northwood and Kosasih 1983; Einziger and Kohli 1984).
Unfortunately, experimental data are not available at cooling rates representa-

tive of IDS. Cladding stress levels under IDS conditions are well below the
100-MPa threshold level identified by Coleman. For a PWR-type rod with a fill
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gas pressure of 6 MPa at 25°C, a hoop stress of 53 MPa at 400°C would be
predicted using Equation (4.1). This hoop stress is well below the stress
required for hydride reorientation; thus, the formation of radial hydrides is
not expected under IDS conditions.

3.3.3 Hydrogen Redistribution

Hydrogen redistribution within the cladding can occur during IDS because
of temperature gradients along the length of a spent fuel rod. The rod ends
are significantly cooler than the middle of the rod; hence, hydrogen transport
down the temperature gradient could cause elevated hydrogen concentrations at
the rod ends.

The magnitude of hydrogen transport was estimated based on the estimated
hydrogen distribution in a spent fuel rod after irradiation and the estimated
axial temperature profile during IDS. The calculations are presented in Appen-
dix C. The predicted increase in hydrogen concentration at the rod ends
(-1.5%) was not significant, and enhanced embrittliement caused by hydrogen
redistribution is not considered to contribute to degradation of Zircaloy
cladding during IDS.

34 OTHER DEGRADATION MECHANISMS

Irradiation embrittlement, cladding and fuel oxidation, and strain rate
embrittlement are known failure modes for Zircaloy. However, these Zircaloy
degradation mechanisms are not viewed as being relevant to IDS. Each of these
mechanisms is discussed in the following sections.

3.4.1 Irradiation Embrittlement

The critical stress intensity required to induce brittle fracture of Zir-
caloy is reduced as a result of irradiation. For nonirradiated Zircaloy, the
critical stress intensity for brittle fracture is >100 MPa«/m for temperatures
>20°C (Hoagland, Bement, and Rowe 1967). After irradiation, the critical
stress intensity for brittle fracture is reduced to -40 MPa+/m (Rowe and
Hoagland 1969; Farwick and Moen 1979). Even with the irradiation-induced
reduction, the critical stress intensity required for brittle fracture i s much
greater than that for SOC (3 MPa</m) or DHC (12 MPa<Ym). The estimated
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required crack size to produce a stress intensity of 40 MPa+/m at a stress of
60 MPa, is 110 mm, i.e., greater than the cladding thickness. Therefore,
irradiation embrittlement of Zircaloy is not considered to be of concern during
IDS.

A mechanism has not been identified that would subject irradiated Zircaloy
to a stress intensity as high as 40 MPa+/m during the dry storage period.
However, it might be postulated that transportation or handling of spent fuel
could produce impact loads on the cladding. An analysis by Bosi (1981) of
impact loading during transportation, handling, and storage (excluding trans-
portation accidents and dropping accidents) concluded that the critical stress
intensity for brittle fracture of irradiated Zircaloy was sufficiently high for
the cladding to withstand peak stresses of 124 MPa without through-wall crack
propagation. The analysis by Bosi assumed a minimum critical stress intensity
of 30 MPa+/m, which is much lower than the values presented by Rowe and
Hoagland (1969) or Farwick and Moen (1979).

342 Cladding Oxidation

Oxidation of the cladding during IDS could cause a reduction in the clad-
ding wall thickness and hence an increase in cladding stress. Cladding oxida-
tion during IDS, however, is not significant because of the inert cover gas. (a)
Therefore, cladding oxidation does not contribute to a greater likelihood of
cladding failure during IDS.

343 Fuel Oxidation

Oxidation of the U0, fuel during IDS could result in fuel-swelling-induced

stress on the cladding that could lead to gross rupture. However, oxidation of
the U0, can occur only if 1) the cladding is breached and 2) the UOZ is exposed
to an oxidizing atmosphere (i.e., air). The first condition has a probability

(a) |If the inert cover gas should be lost during storage, then cladding and
U0, oxidation are possible. This report assumes the inert cover gas is
maintained and does not address the question of loss of inert cover gas.



of <0.5%(a) (using the temperature limit provided in Section 4.1). The second
condition is not possible because of the inert cover gas for the spent fuel.
Fuel oxidation, therefore, cannot contribute to gross cladding rupture during
IDS.

344 Strain Rate Embrittlement

Strain rate embrittlement is a known degradation mechanism for Zircaloy
cladding and is associated with triple-point cracking. Based on the analysis
of Chin, Khan, and Tarn (1986), triple-point cracking of Zircaloy occurs at
stress levels >150 MPa. Therefore, strain rate embrittlement is not expected
during IDS because cladding stresses will be too low.

35 SUMMARY CF DEGRADATION MECHANISMS A\D MODELING

The primary degradation mechanism for Zircaloy cladding during IDS is
creep rupture. Deformation and fracture maps for Zircaloy have been developed,
verified, and used to predict Zircaloy creep behavior under varying
temperature/stress regimes. Other Zircaloy degradation mechanisms are not
expected to result in cladding breach during IDS because mechanisms such as SOC
and CHC require cladding stress intensities greater than those expected for
spent fuel in IDS. The possible Zircaloy degradation mechanisms are summarized
in Table 3.1

(a) The probability (failure rate) of 05% applies to spent fuel incurring
cladding breach during IDS. It does not apply to spent fuel that might
have incurred cladding breach prior to IDS; e.g., during in-reactor
irradiation.
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TABLE 3.1

Mechaniam

Basis for Concern

Requirements

Summary of Zircaloy Cladding Degradation Mechanisms During IDS

Conclusion

Creep rupture

SCC

Hydride radial
reorientation

Hydrogen
redistribution

Irradiation
embrittlement

Zircaloy/U0,
oxidation

Strain rate
embrittlement

) Kpe

\

Known creep behavior;
long-term exposure of
cladding to stress

Observed in-reactor
cladding breach due to
C

Hydride content of
irradiated Zircaloy

Decreased fracture
toughness

Hydrogen content of
irradiated Zircaloy

Fracture toughness of
Zircaloy reduced due
to irradiation

Reduced cladding thick-
ness; U02 swelling
increases cladding
stress and strain

Zircaloy ductility
reduced during rapid
strain

is the critical stress intensity,

o IS the stress, MPa.

Long-term exposure
to stress

wi)

5x1d-3

Incipient defects;
hydride; KIC y 12

Hydride; a » 100

Hydrogen transport
due to axial temper-
ature gradient

Free oxygen; tem-
perature; time

a » 200

MPasv/m; 01 is the iodine

Primary degradation mechanism, set
cladding temperature limits on
basis of creep rupture

Not Tikely because of low stress
and Tov free iodine concentrations

Not likely because of low stress;
probability of SOC cladding breach
before DHC cladding breach

Not likely because of low stress

Not likely because temperature
and temperature gradients
are too low

Irradiated fracture toughness
sufficiently high to preclude
brittle fracture

Inert cover gas precludes
oxidation

Not likely because of low stress

2

concentration, g/cm“; and



40 CLADDING TEMPERATURE LIMITS FCR INERTED DRY STORAGE CF
ZIRCALOY-CLAD SPENT FUEL

Creep rupture has been identified to be the principal mechanism for
breaching spent fuel cladding (Section 3). The primary variable for creep
rupture that can be controlled during IDS is cladding temperature. Temperature
affects Zircaloy creep through both the temperature dependence of creep and the
temperature dependence of the spent fuel fill gas pressure that provides the
cladding stress. The creep rupture model presented in Section 312 has been
used as the basis for determining maximum allowable spent fuel cladding temper-
atures during IDS. The methodology for specifying the maximum allowable clad-
ding temperatures is presented in Section 41 This methodology is based on
the CSAM creep model and will be referred to as the CSAM IDS cladding tempera-
ture model (or the CSFM IDS model).

The fill gas pressure for spent fuel during IDS may be affected by factors
other than temperature. Other possible factors include a change in rod
internal void volume, release of fission gas during IDS, and actinide decay
producing helium during IDS. A brief discussion of these factors may be found
in Section 4.13.

The temperature history used in the development of the CSAM IDS model was

a)

a generic IDS cladding temperature history.( Computer codes are available to,

provide specific (i.e., dependent on cask design, decay heat history, etc.)

(a) The temperature history was based on COBRA-SFS predictions of spent fuel
cladding temperature for TN-24P and MSF-IV (REA-2023) casks containing PWR
and boiling water reactor (BWR) spent fuel aged for 1 year. During these
calculations, it was found that the TN-24P cask containing PAR fuel had
the slowest rate of cooling and therefore would provide the most conserva-
tive cladding temperature history. A simple fit to the COBRA-SFS pre-
dicted temperature was then developed. Temperature histories for fuel
aged for more than 1 year were developed based on the 1-year history and
accounting for the decrease of decay heat; those histories are more con-
servative than would be predicted by COBRA-SFS. A discussion of the
development of this temperature history may be found in Levy et al.

(1987).



cladding temperature histories during IDS. A brief review of the codes and
comparisons between predicted and measured cladding temperatures are presented
in Section 42

Spent fuel may be exposed to elevated temperatures during cask drying
operations immediately prior to IDS. An evaluation of expected cladding tem-
peratures and their relationship to the CSfM IDS model is presented in
Section 43

4.1 RECOMMENDED INERTED DRY STORAGE TEMPERATURE LIMITS

In 1983, a maximum initial cladding temperature Iimit of 380°C was recom-
mended for IDS of Zircaloy-clad spent fuel. This limit was based on a review
of the available information on dry storage of Zircaloy-clad spent fuel
(Johnson and Gilbert 1983b). This guideline was chosen to represent a rela-
tively conservative position with respect to the experience with Zircaloy-clad
spent fuel and the results of modeling the behavior of Zircaloy-clad spent
fuels

In 1985, NRC safety evaluation reports on the CASTOR-lc and CASTOR-V/21
cask topical safety analysis reports (TSARs) did not unconditionally accept the
recommended 380°C temperature guideline. Instead, the NRC developed and used
an independent model to verify that unacceptable degradation would not result
from the allowable spent fuel temperature limits for IDS specified in the
TSARs. However, no NRC-accepted methods are available to cask vendors and
utilities to calculate these temperature limits.

A study was performed under the CSAM Program at PNL (Levy et ala 1987)
that developed recommended generic temperature limits for all Zircaloy-clad
spent fuel. The objectives of the recommended temperature limits were to pre-
vent spent fuel failure by creep rupture during a 40-year IDS period and
provide a procedure by which utilities could easily calculate IDS temperature
limits for their specific spent fuel. The temperature limits were designed to
accommodate the effects of variations in fuel design, burnup level, and fuel
age (i.e., period from reactor discharge until start of IDS) in Zircaloy-clad
spent fuel as well as the geometry and makeup of a variety of dry storage
casks.
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The major results of that study are summarized in the following subsec-
tion. Detailed information can be found in Levy et al. (1987).

411 Generic Inerted Dry Storage Cladding Temperature Model

To accomniodate the effects of variations in fuel design, burnup level,
fuel age, and the geometry and makeup of dry storage casks, a CSFM-developed
model for predicting cladding temperature limits for IDS (Chin, Khan, and Tarn
1986) was enhanced and used to produce a family of generic temperature limit
curves. To generate these curves, deformation and fracture equations for
Zircaloy were combined with a declining temperature history, a declining stress
history, and a life-fraction rule to account for damage accumulated under the
various IDS temperature and stress histories.

Variations in fuel design and burnup levels result in a range of fuel rod
internal pressures. In-reactor fuel rod gas pressures at a burnup level of
-30 MWd/kgU may range from <1.0 MPa for an average-power BAR 8x8R design rod to
as high as 11.8 MPa for a peak-power PWR 15x15 design rod. Extended burnups
will lead to even higher pressures.

A generic temperature limit curve accomniodates the variation in spent fuel
gas pressures because it defines, as a function of cladding hoop stress, the
recommended maximum allowable initial cladding temperature to prevent cladding
breach during a 40-year IDS period. Such a temperature limit curve is illus-
trated in Figure 4.1 for spent fuel aged 5 years prior to IDS. As the initial
spent fuel cladding stress is increased, the initial maximum allowable cladding
temperature must be reduced. The probability of cladding breach for spent fuel
whose IDS cladding temperature and stress are described by a point on the
generic temperature limit curve is <0.5% (<5 spent fuel rods in 1000). Most
spent fuel in IDS will reside in the area below the temperature limit curve,
where failure probabilities are even lower.

As spent fuel ages, its cooling rate decreases, extending its time in a
given temperature range. Since creep damage could occur if the initial IDS
cladding temperature were too high, a decrease in temperature limit with
increasing fuel age is necessary. |In Figure 4.2, temperature limit curves are
plotted for spent fuel aged from 5 to 15 years before IDS. At an initial
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cladding stress of 70 MPa, the allowable cladding temperature for spent fuel
aged for 15 years is 50°C lower than spent fuel aged for 5 years. Because
older spent fuel requires lower cladding temperature limits, the generic limit
curve for spent fuel at a specific age is conservative for all younger fuel.

Dry storage casks impose their own heat transfer characteristics on the
natural cooling rate of the fuel. Due to the declining temperature history
used in the CSAM IDS model, the generic temperature limit curves are conserva-
tive for a variety of dry storage cask designs, including helium-backfilled
consolidated and unconsolidated casks, nitrogen-backfilled unconsolidated
casks, and the NUHOMS concrete storage system. By substantial margins, these
casks could not be thermally loaded to exceed the IDS cladding temperature
limits.

Validation studies were performed on the CSAM IDS model. These studies
included sensitivity studies on parameters used in the model, comparisons of
the model predictions with experience in the FRG and comparisons of the CSFM
IDS model to the NRC model. The sensitivity analyses demonstrated that the
CSAM IDS model predictions are realistic with a demonstrated measure of
conservatism. Comparison of the model predictions with recent experience in
the ARG showed that the FRG-recommended temperature limit of 450°C (Porsch,
Fleisch, and Heits 1986) was consistent with that predicted by the CSAM IDS
model when the higher creep rates used in the CSAM IDS model, compared to the
FRG analysis, were accounted for.

Comparison of the CSAM IDS model with the NRC model showed that there are
minor differences between the predictions of the two models. These differences
arise from assumptions regarding deformation and fracture mechanisms occurring
at cladding stresses >130 MPa (the CSAM IDS model involves a mechanism change),
spent fuel temperature history (the NRC model assumed a constant temperature
after 5 years), and failure criteria (an addition of 5% allowable cavitation to
the NRC model brings the two models into close agreement when a continuous
decaying temperature history is used in the NRC model).
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412 Inerted Dry Storage Cladding Temperature Limits for Specific Spent Fuel

A simple procedure has been developed by which the family of CSM IDS
cladding temperature 1imit curves can be used by a utility or cask vendor to
generate specific cladding temperature limits. Cladding temperature limits
based on peak-power spent fuel are recommended because of the availability of
the necessary input data from fuel vendors' safety analysis reports. The
limits calculated using this spent fuel would be conservative for >99% of the
spent fuel because the peak-power spent fuel represents <1% of all spent fuel.
However, specific cladding temperature limits can be generated for average-
power spent fuel (or other specific spent fuel) if similar data are available.

An equation was developed for calculating the initial IDS cladding tem-
perature as a function of the initial cladding stress in IDS. The cladding
stress changes from its in-reactor value to its IDS value principally due to
two factors: the reduction in internal gas pressure due to the temperature
reduction and the increase in internal rod volume due to differential contrac-
tion of the U0, pellets and the cladding at IDS temperatures. The input data
required for this equation are the internal gas pressure of the rod, the
average gas temperature at which the pressure is determined, and the inner and
outer cladding diameters. The results of evaluating this equation are then
plotted on the generic cladding temperature limit curve graph for the specific
spent fuel age. The intersection of the curve defined by the equation and the
cladding temperature Timit curve describes the specific cladding temperature

limit. The equation to be used is

. _ PI0pig) L. 2. 69.684 (4.1)
mhoop 2t T *

which is then transformed into the following equation for plotting on generic
temperature stress curves such as Figure 41

(omnoop) (T1) (28] 14 000

2= TP (04 (o)~ 69.684 (4.2)




where Smhoop = dry storage cladding hoop stress, MPa
P = internal gas pressure of the rod, psi
Tl = temperature at which P was determined, K
t = cladding wall thickness, in.
Dmid = cladding midwall diameter, in.
a = a factor, 095 for PWR rods or 090 for BAR rods
10,000/69.684 = a conversion factor

T, = allowable storage temperature for o K.

mhoop?’
An example of determining the maximum allowable cladding temperature limit
for spent fuel is illustrated in Figure 43. The example is for 5-year-old
fuel with a cladding stress of 70 MPa at 400°C; a cladding midwall diameter of
1.0 on, a wall thickness of 0.1 cm, and a gas pressure of 65 MPa at 25°C were
assumed. In the figure, the intersection of the CSFM IDS generic temperature
limit with the cladding temperature/stress relationship represents the CSFM IDS
cladding temperature limit. For this example, the cladding temperature Timit
is 393°C at an initial cladding stress of 69.2 MPa., Spent fuel that had lower
fission gas release during irradiation, and thus lower gas pressure and clad-
ding stress at the end of irradiation, would have a higher temperature limit.

It should be noted that spent fuel in IDS may not reach the CSFM IDS
cladding temperature limit (because of more efficient cooling than assumed in
the analysis, because the cask/storage system is not full, etc.). Lower
cladding temperatures during IDS, i.e., lower than allowed on the basis of the
CSAM IDS model, will reduce the probability of cladding breach below the 0.5%
predicted for peak-power spent fuel rods.

The CSAM IDS model can be summarized as follows:

® Substantial variations in spent fuel internal gas pressures and spent
fuel age in the current and foreseeable US. spent fuel inventory as
well as variations in storage cask designs require multiple tempera-
ture limits for IDS. The establishment of a single temperature limit
to account for these factors would, in some situations, impose
unnecessary conservatism and potential economic penalties for
utilities and storage cask vendors.
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® The CSAM IDS model produces a family of generic cladding temperature
limit curves to accommodate the variations in spent fuel. These
curves establish the recommended temperature limits for spent fuel
over a 40-year IDS per‘iod.(a)

® The CSAM IDS model has been verified by sensitivity analyses, compar-
ison to experimental data, and comparison to the NRC model; the CSAMV
IDS model is technically sound and defensible.

® C(Cladding temperature limits for specific spent fuel can be readily
generated.

413 Factors Affecting Spent Fuel Gas Pressure During Dry Storage

The CSAM IDS model presented above assumes that spent fuel gas pressure
during IDS is described by the ideal gas law. That is, the initial void volume
and the volume of fill gas remain constant during IDS and thus gas pressure is
directly proportional to temperature. However, if either the void volume
decreases or the volume of fill gas increases during IDS, then gas pressures
will be greater than assumed by the CSAM IDS model for a specific spent fuel
cladding temperature. This section discusses possible changes in spent fuel
void volume and gas volume during IDS.

A void volume decrease during IDS will increase the gas pressure and thus
the cladding hoop stress by compressing the gas. (A void volume increase, on
the other hand, will decrease gas pressure.) A void volume decrease may occur
by cladding creepdown or U0, swelling.  Cladding creepdown is not possible for
spent fuel stored in a nonpressurized cask because the gas pressure inside the
spent fuel will be greater than the gas pressure outside the spent fuel.

(a) The recommended temperature limits apply to typical spent fuela If a
specific fuel batch is known to be somewhat abnormal (for example, to have
demonstrated a higher than normal in-reactor failure rate or to have
sustained unusual conditions during shipping or handling), it may be
advisable to consider such a fuel batch as a special case and evaluate a
specific temperature limit. Summaries of spent fuel conditions during and
after irradiation and wet storage may be found in Bailey (1987); Bailey
and Johnson (1986) ; and Bailey and Wu (1986).



Swelling of U0, is an irradiation phenomenon and stops when the fuel is removed
from the reactor. Therefore, loss of void volume is not a credible mechanism
for gas pressure increases during IDS.

An increase in the volume (moles) of gas in the spent fuel rod during |DS
is possible from two mechanisms: fission gas release from the U0, matrix to
the void volume and helium production from actinide decay followed by release
from the U02 matrix to the void volume. To estimate possible fission gas
releases from the U0, to the void volume, the ANS-54 fission gas release model

(Turner et al. 1982) was used.(a) For stable isotopes, a simplified equation
for the release fraction is given as

Y (4.3)

where D = diffusion coefficient, s'1 = 0.61 x exp (-36386/T) x 100(BU/28000)
t = time, s
.

BU

temperature, K
burnup, MWd/MTM (103 x MWd/kgU).

For fuel with a burnup of 40 MWd/kgU and stored for 40 years at a temperature
of 400°C, the resulting release fraction is -30 x 107, For a full-length
commercial rod with a rod-average burnup of 40 MWd/kgU, the fission gas produc-
tion would be —3600 cmS. Applying the above fission gas release fraction to
the produced fission gas results in a fission gas release of 0.01 cm® during
40 years at 400°C. This amount of additional gas is negligible and has no
effect on IDS of spent fuel. Two additional factors will reduce the fission
gas release from the U0, matrix: 1) the decreasing temperature history will
reduce fission gas release from the fuel and 2) there is a minimal temperature
profile within the fuel to aid in fission gas diffusion from the U0, matrix to

the void volume.

(a) Data are lacking regarding long-term, low-temperature fission gas release
following irradiation.
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Decay of actinide isotopes occurs by the release of an alpha particle,
ie, a helium nucleus, and thus increases the inventory of helium in the U0,

matrix. This relationship is illustrated by the following reaction:

241 237

95Am > 93Np + He

The isotopes that are the primary contributors to the helium inventory are
241Am, 238Pu, 242Cm, and 244Cm. Release of this decay-produced helium can

increase the volume of free gas in the spent fuel.

An ORIGEN2 (Croff 1980) computer code prediction of actinide production
and decay was made assuming an initial fuel enrichment of 3.2% 235U and a final
burnup of 36 MWd/kgU (actinide production is approximately proportional to
burnup). The predicted production of helium as a result of actinide decay is
presented in Figure 44 as a function of decay time. The information in Fig-
ure 44 was converted to helium production in terms of cubic centimeters per
spent fuel rod by assuming fuel with a diameter of 0.01 m an enriched length
of 4 m and a density of 104 g/cm3; this conversion is presented in Fig-
ure 45. The predicted helium production after 40 years of actinide decay is
52.0 cm3. For a spent fuel rod with an end-of-life void volume of 30 cm3, 100%
release of the produced helium would therefore result in a pressure increase of
<0.2 MPa. However, because of the relatively low IDS temperatures (compared
with irradiation temperatures) and the decrease in IDS temperature with time,
100% release of the helium is not plausible and the true release is probably
much Iower.(a) Therefore, gas pressure increases due to helium production from
actinide decay and the subsequent release of the helium to the free gas are not
considered a problem for a 40-year IDS period.

(a) Analysis of fuel rod fill gases following irradiation has shown that low-
temperature pressurized rods usually lose helium from the fill gas due to
absorption by the fuel while low-temperature nonpressurized rods gain a
small amount of helium in the free gas from release of helium produced by
tertiary fission and actinide decay. High fuel temperatures during irrad-
iation lead to higher helium release as would be expected. However, 100%
release of the produced helium has not been observed for rods operated at
significantly higher temperatures than will be encountered during IDS.
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FIGURE 44. ORIGEN2-Predicted Helium Production from Actinide Decay

It should be noted, however, that helium production from actinide decay is
an approximately exponential function and that for periods greater than
40 years the helium production is substantial. Therefore, 1% a mechanism
exists that can release the produced helium from the fuel matrix to the free
gas, the rod gas pressure increase for long storage periods could be substan-
tial. A 100% helium release rate after 10,000 years would increase rod pres-
sure by 41 MPa (at the original IDS temperature). However, a 100% release

rate is not plausible; therefore, gas pressure increases should be considerably
1ower.

42  MODELING CF INERTED DRY STORAGE CLADDING TEMPERATURES

The temperature-time history of spent fuel in IDS is an important consid-
eration in modeling spent fuel and storage cask integrity. Because materials
generally degrade more rapidly at higher temperatures, limits must be set on
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maximum allowable spent fuel storage temperatures. Temperature limits based on
material integrity tests conducted under isothermal conditions may be overly
conservative. More realistic estimates of allowable storage temperatures may
be obtained by modeling material integrity under the decreasing temperature
history characteristic of radioactive decay in the fuel. This section dis-
cusses the prediction and modeling of the time dependence of fuel and cask tem-
peratures under IDS conditions.

Spent fuel temperatures during IDS depend primarily on the decay heat
power level in the fuel and on the rate at which this heat is dissipated to the
environment. Decay heat levels decrease exponentially with time after dis-
charge from the reactor, and the absolute magnitude depends on fuel burnup and
the operating history under which the burnup was accumulated. The rate of heat



transfer to the environment depends primarily on the geometric design of the
storage system and the thermal properties of the materials used in the storage
system. While storage temperatures generally decrease with time, predicting a
specific temperature-time history requires detailed specification of cask
design, fuel age, fuel burnup, and storage configuration.

Recent dry storage cask demonstrations have provided experimental data on
spent fuel cladding temperatures for various metal cask designs during IDS.
These tests have included the CASTOR-I and TN-1300 casks in the FRG (Spilker
and Fleisch 1986; Geiser 1986), the CASTOR-V/21 cask (Creer and Schoonen 1986),
the MSF-IV (REA-2023) cask {McKinnon et al, 1986a), the TN-24P cask (McKinnon
et al. 1986b), and the MC-10 cask. Tests on the CASTOR-I and TN-1300 casks
consisted of temperature measurements during vacuum drying operations and with

a helium backfill. Tests on the CASTOR-V/21 and MSF-IV (REA-2023) casks
involved vertical and horizontal orientations with a helium fill gas, a
nitrogen fill gas, or vacuum; tests are also planned using consolidated fuel

rods (Creer and Schoonen 1986).

Thermal analysis computer codes have recently been adapted to the problem
of modeling the thermal behavior of dry storage casks, thus predicting the tem-
perature history of the spent fuel. Two such codes are the COBRA-SFS and HYDRA
thermal analysis codes developed at PNL (Wheeler et ala 1986). Both codes
allow three-dimensional modeling and use a finite-difference formulation to
solve the mass, momentum, and energy conservation equations to determine the
pressure, temperature, and velocity fields. Heat transfer is modeled by Fhid-
fluid conduction, solid-solid conduction, surface-to-surface radiation, and
convection. HYDRA is a steady-state code that can model buoyancy-driven flows
by defining the appropriate direction for the gravity vector. COBRA-SFS uses a
steady-state subchannel formulation with the channels connected by thermal con-
duction and diversion cross-flow.

HYDRA and COBRA-SFS have both been shown to be effective in calculating
temperature distributions in dry storage casks (Wheeler et al. 1986; Lombardo
et al. 1986). Pretest predictions using nominal cask dimensions and nominal
thermal property values for cask materials gave temperature values within 20 to
30°C of the actual measured data. Post-test calculations using more accurate



as-built dimensions and thermal properties resulted in mean code-to-data
differences of +10°C for HYDRA and £3°C for COBRA-SFS (Wheeler et al. 1986).
These codes are now validated for use in dry storage cask analyses (Lombardo
et al. 1986).

An additional component of modeling temperatures accurately during dry
storage is correctly predicting the decay heat of the stored spent fuel as a
function of decay time. It has been concluded (Beeman 1986) that the ORIGEN2
decay heat code (Heeb 1986) can predict decay heat within 10% of the measured
values for spent fuel with cooling times of up to 10 years. The code generally
overpredicts the measured decay heat and is thus conservative for use in
supplying decay heat levels to cask temperature codes.

43 CLADDING TEMPERATURES DURING CASK DRYING OPERATIONS

In addition to the long-term IDS period, spent fuel will also be exposed
to elevated temperatures during cask loading and drying operations following
pool storage. A common method of cask drying is a vacuum process that requires
-4 MPa (Fleisch and
Ramcke 1983). Experience in the FRG has shown that under relatively short

several hours (2 to 5) and a minimum gas pressure of 1 x 10

drying cycles (2 to 5 h) temperature excursions above 380°C are unlikely.

If vacuum drying should cause temperature excursions above the CSAM IDS
cladding temperature 1limit (Section 4.1), two approaches are suggested:

® implement special procedures to keep cladding temperatures below the
CSAM IDS cladding temperature limit

® request a temperature variance for the relatively short period of the
drying operation.

The technical basis to request a temperature variance for the short-term
cask drying operations is supported by Zircaloy tests at temperatures >500°C
(Table E.lI) for times of 30 days or more with no cladding failures (Einziger
et al. 1982). The absence of cladding failures in these tests indicates that
the short period required for cask drying will probably not compromise cladding
integrity for fuel with cladding hoop stresses near, or below, those of the
fuel types that were high-temperature tested. At temperatures near or above



400°C, some annealing of irradiation damage is likely, even in a few hours.
Annealing results in higher cladding ductility and therefore tends to improve,
rather than degrade, subsequent cladding integrity (Lowry et al. 1981).

Although cladding breach during drying operations is not likely, unaccept-
able levels of cladding strain could occur if the spent fuel was exposed to
elevated temperatures for extended periods of time. Using the CSAM cladding
creep model and assuming 70 MPa cladding stress for 24 h, predicted cladding
strain would be 0.10% at 436°C, 023% at 450°C, and 337% at 500°C. The asso-
ciated cumulative damage factors for the three temperatures are 5.7%, 12.1%,
and 488%. Obviously, strain is a function of time at temperature and
therefore shorter periods of exposure would reduce the strain predicted for the
above temperatures.

A cladding strain limit of 01% during cask drying operations is recom-
mended. This level of plastic strain is approximately equivalent to the elas-
tic strain at the yield stress limit and will result in a minimal level of
damage to the spent fuel cladding. With a 01% strain limit, a temperature of
450°C would be acceptable for an 8-h working shift.

Some cladding oxidation may occur due to reaction with moisture as drying
proceeds. However, the moisture levels will rapidly dissipate during drying to
levels where cladding oxidation will be insignificant. Temperatures greater
than 600°C are required to cause substantial Zircaloy oxidation over a 1-day
period, even at high oxidant levels (Johnson, Gilbert, and Guenther 1983;
Johnson and Gilbert 1983a).

Based on the above discussion, it is concluded that cask drying operations
should not compromise spent fuel cladding integrity.
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APPENDIX A

ZIRCALOY DEGRADATION MECHANISMS: STRESS CORROSION CRACKING A\D HYDROGEN

Crack growth in Zircaloy can occur by three mechanisms in addition to
creep: Dbrittle fracture, stress corrosion cracking (SCC), and delayed hydride
cracking (DHC). To cause crack propagation, each mechanism requires a stress
intensity, i.e., stress and flaw size, greater than a critical (or threshold)
level. Above that critical stress intensity, crack propagation can occur
either by a rapid unstable mechanism or by a slow (time-dependent) stable
mechanism.

Brittle fracture is a rapid unstable process whereas DHC and SOC are slow,
stable growth mechanisms during inerted dry storage (IDS). Brittle fracture is
a mechanical process influenced by radiation and hydride precipitation while
DHC and SXC are chemical-based processes influenced by hydride precipitation
and iodine. In the following discussion, the effects of stress intensities are
evaluated, and it is assumed that sufficient hydrogen and iodine exist to cause
cracking. Additional detailed analyses are presented in Sections A.l through
A3.

The dependency of crack growth on the stress intensity factor at 350°C and
the range of stress intensity factors expected for Zircaloy cladding during IDS
are shown in Figure Al The critical (threshold) stress intensity factors and
the regimes for stable crack growth are indicated. All crack growth mechanisms
require stress intensities that are larger than expected for IDS. The critical
stress intensities are 3, 12, and >40 MPa<Ym for SCC, DHC, and brittle frac-
ture, respectively. The SOC growth kinetics are based on the analysis of
Kreyns, Spahr, and McCauley (1976); and the DHC growth kinetics are based on
the analysis of Ambler (1984).

The SCC mechanism dominates at lower stress intensities, and the unstable
brittle crack growth mechanism dominates at higher stress intensities. The DHC
mechanism is significant at intermediate stress intensities but is never the
dominant crack growth mechanism at 350°C. At temperatures below 350°C, DHC
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growth rates are predicted to be faster than SCC growth rates at intermediate
stress intensities. These intermediate stress intensities, however, are much
greater than those expected during IDS.

Experimentally observed stress intensity thresholds are subject to
uncertainty, particularly because of the difficulty of experimentally measuring
very slow crack growth rates. If the observed stress intensity thresholds were
not present, crack growth rates at low stress intensity levels would be pre-
dicted by extrapolating high stress intensity crack growth kinetics. Such an
extrapolation is presented in Figure A2 with crack growth rates for SOC and
DHC extrapolated to a stress intensity of 16 MPas/m (cladding stress of 70 MPa

and initial crack size of 013 mm). The extrapolated DHC growth rate is

A.2



2130 mm/year, and the extrapolated SOC growth rate is 5 mm/year. Both
mechanisms would, in the absence of a critical stress intensity, generate a
cladding breach.

The conclusion that SOC and DHC will not cause cladding breach during IDS,
therefore, depends on the validity of the measured threshold stress intensities
for SOC and DHC. If crack growth can be initiated below the known threshold
values (which has not been observed), then the crack growth rates would be

sufficiently fast to cause cladding breach during IDS at the CSAM IDS

temperature 1imit (Section 4.1).
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FIGURE A2 Crack Growth Rates Extrapolated to a Stress Intensity
of 1.6 MPa</m for Zircaloy at 350°C



Al STRESS CORROSION CRACKING

Stress corrosion cracking is an important Zircaloy degradation mechanism
during IDS because it may directly cause crack growth through the full thick-
ness of the cladding. Also, SCC may cause cladding breach indirectly by pro-
ducing deep cracks that may subsequently extend through the cladding by another
mechanism such as DHC.

Causes for cracks and mechanistic requirements for SCC are described in
this section. Estimates of temperature limits for IDS are given based on crack
growth mechanisms and data. Stress corrosion cracking is not expected during
IDS because threshold iodine concentrations and threshold stress intensities
are not exceeded by spent fuel during IDS (Figure A.1). Crack growth predic-
tions, assuming that crack growth is possible below these thresholds and
extrapolating the experimentally observed behavior, indicate that crack growth
would be rapid enough to cause cladding breach at temperatures less than the
CSAM IDS temperature limit.

To evaluate crack growth, the existence of cracks of some size and number
must be assumed. These cracks originate from mechanical flaws that were not
eliminated by examination before irradiation and from pellet-cladding inter-
action mechanisms during irradiation. Cracks propagate during irradiation as a
result of reactor power maneuvers (ramping), noncorrosive creep cracking, and
XX induced by iodine and other corrosive species. If the cracks in the clad-
ding have not grown through the cladding by the time the fuel rods are removed
from the reactor and placed into storage, it may be statistically possible that
some cracks would continue to grow under storage conditions either by continued
SCC or by other mechanisms until the crack breached the cladding.

Steinberg, Peehs, and Stehle (1983) inspected the surfaces of nonirra-
diated cladding specimens that had been pressurized and found a plurality of
induced cracks with a Tog-normal distribution of depths. With increasing
strain and the presence of iodine, the mean crack depth (and length) grew, but
the number of cracks that were growing decreased. Less strain was required to
produce crack extension and perforation at lower temperatures. According to
Steinberg, Peehs, and Stehle, cladding breach would statistically be expected
to occur when one crack reached a depth equal to the cladding wall thickness.

A.4
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Both crack coalescence and individual crack growth would contribute to the
overall growth of the cracks. Using these data and methods, it would be pos-
sible to calculate a size distribution of incipient cracks and find the number
of cracks in a size band that might be extended by SOC or DHC.

The mechanisms of I-SCC are discussed in Cubicciotti and Jones (1978).
The Zr0, film protects the Zircaloy from iodine; and until the oxide is
ruptured by mechanical strain, SO0C does not proceed. Cladding creep due to
internal pressure stress may eventually provide sufficient strain to rupture
the brittle oxide layer; but "oxide film penetration is not the critical step
in the overall 1odine-SCC process.“(a) They believe that because the exposure
of Zircaloy by cracking of the oxide layer is so small it is the formation of
the crack in the Zircaloy that is critical. They suggest that it is stress
rather than stress intensity or strain that is the key factor in forming the
crack: "the threshold stress is the stress required to form crack nuclei at
chemical inhomogeneities and that their propagation causes iodine-induced
failure." Crack initiation and propagation occur if the stress is large enough
(>315 MPa) and the iodine concentration is sufficient (iodine > 5 x 10'6 g/cmz),
Note that the stress specified by Cubicciotti and Jones is much greater than
that expected for IDS conditions.

Williford (1984) suggested that strain rate sensitivity of the I-SCC
process is caused by competition between chemical reaction and material creep
rate phenomena, rather than by stress thresholds or by the requirement that a
complete monolayer of Zrl, form on the crack tip. He says that failure times
are dominated by the time required to initiate active crack growth. He pro-
poses a chemically assisted creep cracking model that permits "threshold®
concepts to be treated as very slow processes whose physical manifestations are
too small to be measured in usual experiments.

When a crack (longitudinal cracks that grow across the wall perpendicular
to the hoop stress in the cladding) is of sufficient size to allow continuum
mechanics to be applied, the minimum stress intensity for iodine cracking is

(a) Cubicciotti and Jones (1978) state that the smallest strain associated
with iodine-induced failure in their Zircaloy-4 tubing tests was 0.3%.



9 MPa-Ym. Cubicciotti and Jones (1978) point out that this value is in
agreement with [-SCC data of other investigators, although the minimum stress
intensity may be less in irradiated cladding. They indicate that a valid ASTM
test did not generate a failed crack at stress intensities as low as 24 to

33 MPas¥m. The controlling factor for crack growth changes from stress to
stress intensity at a crack depth of 0.1 to 02 mm (approximately 15%to 35% of
the cladding thickness).

Peehs (1980) believes that (during IDS) no new cracks will be formed;
i.e., no cracks in addition to those that already existed in the cladding in
the reactor. Under the theory that crack growth rate depends on the stress
intensity factor (Kreyns 1976), the value of this factor is of great impor-
tance. Reductions in the critical stress intensity factor would entail more
cracking. In commenting on the value of the factor, Peehs says that the
reduction in critical stress intensity is more severe when iodine is present,
and the reduction due to iodine is greater than the reduction due to hydriding
or by irradiation. Peehs uses I-SCC stress intensity factors as a basis for a
conservative estimate of crack extension in IDS. The actual values to be used
require some judgment because different observers have reported different
values. Assuming a lower bound value for stress intensity of 3 MPas¥Ym at
300°C,(a) Peehs predicts that cracks up to 04 mm deep (about 60%of the wall
thickness) would not extend to a through-wall crack after 20 years.

In a paper by Miller et al. (1981), a phenomenological model was developed
to predict the crack growth in Zircaloy. Data are quoted that indicate that
75% of the time to failure is spent in growing a crack to 10%of the wall
thickness.  Subsequent growth proceeds ever more rapidly as the crack extends.
Considering a probabilistic distribution of initial flaw sizes, the Miller
model is used to show the probable time to failure of various numbers of fuel
rods. For example, the distributions show that the critical stress is lower
for a fuel rod than for a test specimen because of the higher probability of
having a large flaw in the large area of cladding in a reactor.

(a) Peehs references were Cubicciotti and Jones (1978) and Simpson and Cann
(1984).
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Using some methods and information from Miller et al. (1981l), an estimate
can be made of the size distribution of cracks after some amount of time in the
reactor. The subsequent growth of these cracks in storage could then be
estimated for both [-SCC and DHC. Tasooji, Einziger, and Miller (1984) have
done this to some extent for I-SCC. They show that at the end of reactor
service, the maximum incipient crack size in unbreached rods would be 20% of
the wall thickness at a failure probability of 1%. Then using a "typical" case
of 1%fission gas release, a maximum internal pressure (152 MPa at 315°C), and
a burnup of 50 MWd/kqU with a nominal iodine concentration and an inert cover
atmosphere, they indicate that a temperature of 450°C would be allowed for a
1000-year storage period before failure. For a more "conservative" case of 20%
fission gas release (higher than expected), the 1000-year storage limiting
temperature was predicted to be 280°C or less. Shorter storage times, such as
100 years, would allow higher 1imiting temperatures. Peehs and Fleisch (1986)
state that crack propagation will not occur for crack sizes smaller than 0.3 mm
(<50% of wall thickness) at temperatures lower than 450°C.

Crack growth was calculated based on the growth model of Kreyns (1976), a
standard spent fuel cooling history (given in Section 4.2), a 0.13-mm-deep
initial crack, and a cladding stress of 70 MPa. These stress and crack sizes
correspond to a stress intensity of 1.6 MPas/m and are reasonable bounding
values for dry storage. The maximum allowable temperature for arrest of crack
propagation caused by the decreasing temperature with time was determined to be
290°C. At 300°C, the crack was predicted to propagate through the cladding
thickness, resulting in failure after 3 years of storage. The calculated
increase in crack depth and the calculated decrease in temperature with
increasing time are shown in Figure A3. (a)

The 290°C temperature limit is -100°C lower than the creep rupture temper-
ature limit for a stress of 70 MPa (see Figure 4.3). Therefore, if SCC could
initiate, then SCC could occur for storage temperatures allowed by the CSAM IDS

temperature limit at and above 300°C. However, crack initiation is not
expected because neither the threshold iodine concentration nor the threshold

(a) This analysis is based on ignoring the SCC threshold stress intensity of
3 MPa+Vm,
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stress intensity is exceeded (see Section 3.2). Furthermore, the lack of SCC
failures during dry storage demonstration tests indicates that cladding breach
due to SCC has not occurred even though crack growth kinetics would be adequate
to produce cladding breaches if thresholds were ignored.

A2  DELAYED HYDRIDE CRACKING

Delayed hydride cracking can occur in stressed Zircaloy during cooling
when the conditions are appropriate. When cracking is observed, the measured
crack growth rates are rapid, but only for conditions of high stress intensity.
In this section, it is demonstrated that DHC will not be likely during IDS



because SOC is more dominant than DHC at stress intensities above the stress
intensity threshold for DHC. As was presented in Figure Al, the stress
intensities required for DHC are not expected during IDS.

For DHC to occur in Zircaloy, three conditions must be met: 1) an incipi-
ent defect or crack must exist; 2) hydride must be present at or near the crack
tip; and 3) sufficient stress must be present to propagate the crack. The data
and theory that allow the determination of these conditions are not totally
unequivocal. In the discussion that follows, the factors that have been
experimentally and theoretically connected to DHC in Zircaloy will be pre-
sented. For the following discussion, the presence of cracks (the first condi-
tion for DHC) will be assumed.

A DHC nucleation and growth model has been proposed by Sawatzky (1986)
that may explain the observed DHC growth behavior better than the commonly used
Dutton model (Dutton, Puls, and Simpson 1982).(3) In the Sawatzky model, as in
the Dutton model, an "incubation period"” is defined. During this incubation
period, hydrogen diffuses to the stressed tip of the incipient crack from
hydride platelets beyond the tip. However, once the hydride has formed at the
crack tip and fractured, the hydride provides the closest source of hydrogen
for further diffusion to the crack tip for crack propagation, which would
account for the observed delay in initial cracking followed by an almost con-
stant crack growth rate. Sawatzky has suggested detailed equilibriun solu-
bility mechanisms as functions of stress and temperature rate of change that
might be used to develop a quantitative model, but this has not yet been done.

Typical delay times for DHC are short (40 h) relative to the IDS time;
thus, the DHC growth rate may be used for estimating the time to cladding
breach. Unlike [-SCC, the crack growth rate does not depend on the stress
intensity factor. After DHC has begun, the crack growth rate is independent of
stress (provided the stress is sufficient to fracture the hydride or hydrided
Zircaloy) but is a function of the temperature-dependent hydrogen diffusion
rate. This discussion is further expanded in Appendix C

(a) The Sawatzky model has only recently been proposed and has not yet been
fully peer reviewed.

A.9



For DHC to occur during IDS requires sufficiently high cladding stress
intensities under IDS conditions. The critical stress intensity that Sawatzky
(1986) states as being necessary for DHC in spent fuel is compared to predicted
stress intensities in Figure A.4.(a) The same critical stress intensity value
(12 MPa</m) was given by Dutton, Puls, and Simpson (1982) on the basis of
measurements. (b) Pure bulk hydride was experimentally determined to have a
critical stress intensity for cracking of =1 to 3 MPa«¥m. Pure hydride is not
believed to be formed at the crack tip. Some metal also exists in the stress
field, resulting in a higher value of toughness results (which is affected by
the orientation of the metal grains). Walker and Kass (1974) have measured
much higher toughness values for irradiated, hydrided (250 ppm) Zircaloy-4 than
for pure bulk hydride. In the temperature range of 100 to 300°C, their
measurenients give toughness increasing in the range of 30 to 50 MPa-Vm for a
texture representative of cladding. Their data also show a large effect of
texture. The Walker and Kass data also show that radiation does not signifi-
cantly decrease the toughness of severely hydrided Zircaloy at room temperature
and above.

The rate of crack propagation as a function of temperature has been calcu-
lated from the equations of Dutton, Puls, and Simpson (1982) and Kreyns, Spahr,
and McCauley (1976) and is presented in Figure A.5.(C) At temperatures above
about 285°C and at stress intensities above the critical stress intensity, DHC

(a) The curves in Figure A4 were calculated based on typical spent fuel fill
gas pressures and cladding stresses for pressurized water reactor (PWR)
rods in IDS. The gas pressures and dimensions given by Levy et al. (1987)
were used to calculate the stress intensity factor for various crack
lengths using the methods and results of Delale and Erdogan (1982) and a
power-law temperature decay with time given by Tarn, Madsen, and Chin
(1986).

(b) Dutton, Puls, and Simpson (1982) give a lower critical stress intensity
for Zr-2.5%Nb, and the difference between the two alloys is explained as
being due to the difference in texture, which limits the maximum amount of
hydride that can be formed at the crack tip.

(c) The crack growth rates given by Dutton, Puls, and Simpson (1982) for DHC
are for Zircaloy-2, and the rates given by Kreyns, Spahr, and McCauley
(1976) for I-SCC are for Zircaloy-4. It is assumed that the results of
Kreyns, Spahr, and McCauley would have been similar to those of Dutton,
Puls, and Simpson if they had used Zircaloy-2.

A.10
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is slower than I-SCC. Thus, a crack that had progressed by I-SCC to or through
a zone of stress intensity greater than 12 MPa</m would move more slowly by the
DHC mechanism. Therefore, it appears that DHC is not as likely to cause clad-
ding breach as is I-SCC (discussed in Section A.l). Therefore, the [-SCC crack
growth rates and criteria will probably bound those of CHC for long-term IDS.
At temperatures below 285°C and at stress intensities high enough to cause DHC,
Figure A5 indicates that CHC would propagate a crack faster than |-SCC.

M additional point of interest related to DHC deals with the direction of

approach, either heating or cooling, to a test temperature. Ambler (1984) has
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shown that DHC behavior of Zr-2.5%Nb is affected by whether the test tempera-
ture is approached by cooling or heating. Both Ambler (1984) and Sawatzky
(1986)(3) provide theoretical explanations of this effect. In summary, if the
test temperature is reached by cooling from a higher temperature, the measured
crack growth rate is an Arrhenius function of temperature. If the sample is
first cooled and then heated to the test temperature, the measured crack growth
rate still follows the same Arrhenius function but only up to a certain temper-
ature. About 50°C beyond that temperature, the crack growth rate is perhaps
100 to 1000 times slower than when the test temperature was reached by cooling.

(a) See Appendix C for Sawatzky's discussion.



This observed effect may be due to the precipitation of the hydride in a
constrained condition that is released upon heating and thus lowers the driving
force for diffusion to the crack tip.

Preparation of fuel rods for dry storage (cooling in the reactor and
storage pool followed by self-heating in dry storage) is similar to Ambler's
heating technique and has been suggested by Coleman et al. (1985) as a tech-
nique for minimizing DHC at temperatures between 177°C and 327°C. Because the
cladding temperature can rise to an annealing level in IDS, the temperature for
the crack growth rate reduction effect also depends on the hydrogen concentra-
tion in the cladding. This is because the hydrogen concentration determines
the annealing temperature at which all hydride would be redissolved upon
heating in IDS.(a) If the IDS temperature rises above the annealing tempera-
ture, then hydride is precipitated upon cooling in storage and crack growth
rates are those assumed in the above discussions. However, if reheating does
not reach the annealing temperature, the crack growth rates will be lower.

Thus, a large hydrogen concentration raises the annealing temperature and, con-
sequently, the upper temperature limit for which the heating approach may be
beneficial for reducing crack growth rates. Therefore, if DHC were to occur in
fuel rods in IDS, the cooling/heating history may provide much-reduced DHC
crack growth rates relative to the body of the discussion presented here.

A3 HYDROGEN CONTENT A\D DISTRIBUTION

The hydrogen content and distribution in spent fuel cladding can affect
the cladding resistance to fracture during IDS. Hydrogen pickup and transport
mechanisms are described in this section, and two example calculations are
presented for redistribution of hydrogen and hydride precipitation during
IDS. The predictions indicate that hydrogen redistribution during IDS is not
significant and will not significantly affect the cladding fracture resistance.

(a) The annealing temperature is the terminal solid solution temperature and
depends on the amount of hydrogen present in the cladding; e.g., the
annealing temperature is 340°C for 96 ppm hydrogen and 400°C for 190 ppm
hydrogen.



A fraction of the hydrogen released during Zircaloy oxidation is assumed
to be picked up by the Zircaloy and then to diffuse along decreasing temper-
ature gradients. Peehs (1980) assumed a hydrogen pickup fraction of 20%
[Peehs' reference was Stehle, Kaden, and Manzel (1975)]; this fraction agrees
with data and examinations of extended burnup fuel by Garde (1986). Garde
gives an average hydrogen absorption of 15.9%, although the values ranged as
high as 20.1%. The limit of total hydrogen concentration to which the cladding
remains ductile was taken as 500 ppm [Peehs' reference was Slattery (1969)].
For the case of gross brittle failure, Peehs deduced an allowable storage
temperature of 310°C at constant temperature, or up to 460°C initially,
depending on the temperature-time cooling profile.

The dissolved hydrogen diffuses because of gradients of concentration
and/or temperature. At cold locations (and in regions of relatively high
tensile stress) where hydrides precipitate, the hydrogen concentration is the
terminal solid solubility (TSS), which, being lower than the hydrogen concen-
tration elsewhere, provides a large concentration gradient and thus a driving
force for diffusion of hydrogen toward the hydride. Hydrogen transport is also
driven by a temperature gradient. Peehs' calculations indicate that the change
in concentration of hydrogen by temperature gradient movement is negligible
compared with the concentration obtained through hydrogen takeup. An analysis
of hydrogen diffusion provided in Appendix C also reaches that conclusion.

Sawatzky (1986) has calculated the axial diffusion of hydrogen in spent
fuel cladding under IDS conditions.(a) The temperature profile of a central
fuel rod in an IDS cask was obtained with a COBRA code prediction similar to
those discussed by Wheeler et al. (1986a; 1986b). An upper limit of experi-
mentally observed hydrogen content in spent fuel cladding (Atkin 1981) was
taken by Sawatzky as the initial hydrogen distribution; the hydrogen concen-
tration ranged from 43 to 100 ppm. Higher hydrogen concentrations observed by
others and the value of 500 ppm assumed by Peehs (1980) may not be typical.
Examinations of a BWR high-burnup fuel rod (Strain and Johnson 1985) show
hydrogen concentrations ranging from 100 ppm in the center to over 200 ppm at

(a) Sawatzky's discussion of hydrogen diffusion is partially reproduced in
Appendix C.



the ends. According to Strain and Johnson, the hydrogen concentration profile
shows the effect of hydrogen diffusion toward the colder ends of the cladding
while in the reactor. The thickness of the oxide could be roughly correlated
with the hydrogen distribution axially, but rather large azimuthal variations
did not correlate. Sawatzky estimated that thermal diffusion alone could not
account for the axial variation and that the distribution measured by Strain
and Johnson may be due to the specific coolant chemistry that gave different
radiolysis leading to the variations in hydrogen absorption along (and around)
the cladding.

Sawatzky's hydrogen diffusion model (Appendix C) considers the axial
temperature profile and its decrease with time in IDS. Hydrogen was assumed to
precipitate as a hydride in the coolest region, the end caps. His results
(assuming the initial axial distribution of hydrogen discussed above) indicate
very little change ((1.5%) between the initial and final concentrations of
hydrogen. [This finding agrees with Peehs' (1980) conclusion.]  The amount of
solid hydride in the coolest part of the end cap (the corner rim) has a depth
of 0.1 mm or less after 10 years; there is little further change after that.
Sawatzky predicts that hydride will have precipitated from the dissolved
hydrogen at the cooler ends and along the full length of the fuel tube after
3 years in IDS under helium and after 5 years under nitrogen. It appears,
then, that hydrides will remain present along the length of the cladding where
incipient cracks (due to manufacturing defects and 1-SCC) may be present.

The hydrogen diffusion model developed by Sawatzky was also used to
analyze a second assumed axial hydrogen distribution. A prediction was made
for a high-burnup case in which the measured hydrogen in the cladding had a
U-shaped axial concentration profile with hydrogen concentrations ranging from
87 ppm in the middle to 220 to 280 ppm at the ends (Strain and Johnson 1985).
Using an IDS temperature history similar to the first case, the level of hydro-
gen for this case was predicted to be sufficient to develop hydride throughout
the cladding length in <2 years of IDS. The diffusion concentration gradient
is therefore almost entirely given by the TSS at the temperatures assumed.
Again, the result was that very little hydrogen would be moved during a storage



period of 100 years. Hydride remains present along the cladding length
throughout the storage period, and the shift in hydride toward the cooler ends
is negligible after 10 years. The total hydrogen reaching the cladding ends
would be 19 x 1072 g/cmz. For the higher part of the temperature range under
consideration, the actual TSS may be 10 to 20 ppm lower than assumed in these
predictions, according to data of Mishra and Asundi (1971), which would mean
earlier precipitation of hydride and thus less hydrogen diffusion than
predicted by Sawatzky.
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APPENDIX B(2)

THEORETICAL DISCUSSION ON DELAYED HYDRIDE CRACKING

Delayed hydride cracking (DHC) of Zr-2.5%Nb was first observed in fuel
cladding near the fusion line between the cladding and the end cap (Simpson and
Ells 1974). The magnetic force resistance welding used in fuel element
fabrication set up high residual stresses in this region that are believed to
have caused the DHC. Cracks were detected in elements held at room temperature
for as little as 5 weeks after welding. Zirconium hydride platelets were found
at the roots of internal notches between cladding and end cap. A postweld
stress relief (24 h at 400°C) eliminated hydride growth and subsequent

cracking.

The next reported case of DHC was the growth of small through-wall cracks
in 69 Zr-2.5%Nb pressure tubes of Units 3 and 4 of the Pickering power station
(Perryman 1978). These tubes had been incorrectly rolled into steel end fit-
tings, resulting in high residual stresses just inboard of the end fittings
where the cracks occurred. The banded appearance of the oxide on the crack
surfaces indicated conclusively that cracking had occurred during shutdown when
the pressure tube temperature was low enough to precipitate hydrides.

B.1 THE DUTTON, NUTTAL, PULS, A\D SIMPSON MODEL

The basic model for DHC used today (1986) in zirconium alloys was
developed by Dutton et al. (1977a). In this model, a hydride platelet is
nucleated at the high-stress region near the crack tip, grows to some critical
size by means of hydrogen diffusion from nearby hydrides, and cracks. The
process is then repeated.

(a) This appendix is a near-reproduction of a portion of the discussion
provided in Sawatzky (1986); limited editing has been performed where
necessary for clarity and brevity. Some terminology used in this appendix
(and Appendix C) may not match that used in the balance of the report.



On the basis of irreversible thermodynamics, both concentration and stress
gradients provide a driving force for diffusion such that the hydrogen flux
density, J, is approximately given by

_ gD c ¥ 3

where V = molal volume of hydrogen in a-zircaloy
D = diffusion coefficient for hydrogen in a-Zircaloy
A = atomic volume of Zry in a-Zircaloy
C = atom fraction of hydrogen in a-Zircaloy
V = divergence operator
R = gas constant
T = absolute temperature
o;; = principal stress components in the vicinity of the

crack tip (assumed positive if tensile).

Thus, for a tensile load, the stress gradient provides a driving force for
hydrogen diffusion towards the high-stress region near the crack tip. Also
included in the model is the fact that at a given temperature, the terminal
solid solubility (TSS) decreases with increasing hydrostatic stress.

Cylindrical geometry was assumed, as shown in Figure B.lL Equation (B.l)
can be solved (Dutton 1978) to give the following:

dn _ 2mD
ot - (cL - &) (8.2)

n @

where dn/dt is flux of hydrogen atom per unit length of cylinder and C; and C,
are TSS at r = L and r = & (Figure B.1), respectively, and given by
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where C0 = TSS under zero stress
P = hydrostatic stress, which is assumed to vary with r as
shown in Figure B.2; see Equation (0.4)
V' = the local volume change associated with the transfer of

hydrogen from solution to the hydride phase.

(B.3a)

(B.3b)
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In the theory of elastic-plastic fracture mechanics, the radius of the
plastic zone ry found next to the crack as shown in Figure B,1, increases as
the square of the stress intensity factor K{. Two stages of cracking are

considered: one for small K; values (Stage I) and the other for large K;
values (Stage II).

Stage I applies to small K; values and hence small Fy values. It is
assumed that the hydride platelet growing from the crack tip extends beyond the
plastic zone before it fractures. As KI is increased, Py increases more
rapidly than p|, thereby increasing the driving force for hydrogen diffusion
and hence the crack velocity, v, as shown in Figure B.3a.

Stage II applies to K; values greater than some critical value K¢ such
that the plastic zone is large enough to completely contain the hydride
platelet when it fractures. The stress is assumed to be uniform in the plastic

zone and given by MGY, where M is a constant greater than 1 and oy is the yield

B.4



stress.  Since P is independent of Ky and P, > P as K increases [on the basis
of Equations (B.2), (B.3a), and (B.3b)], dn/dt and hence crack velocity are
decreased, as shown in Figure B.3a.

Accurate crack velocities are difficult to obtain experimentally, and
early data (Dutton et al. 1977a) seemed to substantiate the above model. Later
and more careful experimental work (Simpson and Puls 1979) showed that the
relationship between crack velocity and stress intensity factor is more nearly
represented by Figure B.3b. There seems to be a threshold in Ky, say K;y, such

a. Basic Model

Crack Velocity, v

-«— Critical Stress Intensity, Kic

|
L

Stress Intensity, K

b. Experimental Results

Stage |l

Crack Velocity, v

-a Threshold Stress Intensity, Kin

Stress Intensity, K

FIGURE B.3. Schematic of Relationship Between Crack
Growth Rate and Stress Intensity
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that v = 0 for KI < KIH and v = constant for KI > KIH; i.e., there is no
Stage 1. Changes to the basic model seemed necessary and some have been made
(Dutton et al. 1977b).

It has been suggested that, at least for small hydrogen concentrations,
the main source of hydrogen for hydride formation at the crack tip is the just-
fractured platelet. A supporting observation was the lack of hydride on the
fracture surface of defective Zr-2.5%Nb fuel cladding (Simpson and Ells
1974). This model provides the shortest hydrogen diffusion path; and, since
the hydride is on a free surface, the driving force for diffusion between it
and the new hydride platelet being formed would be greater than for the case of
the other hydrides under tension. Since neither the hydride on the free
surface nor the one being formed are greatly affected by K;, the crack velocity
should be fairly independent of Ky, as was observed.

This model could also account for the fact that the incubation period may
be much longer than the time for subsequent growth/cracking cycles as seen by
Coleman and Ambler (1979). During the incubation period, the hydrogen source
is the neighboring hydrides, as in the basic model of Dutton et al. (1977a).
In subsequent cycles, the main hydrogen source is the "just cracked” hydride.

Puls, Simpson, and Dutton (1981) point out that their model does not show
a Kyy because they assumed pure zirconium hydride to have zero resistance to
fracture. In fact, its KIH is between 1 and 3 MPas¥m, whereas that for
Zr-2.5%Nb is -6 MPa</m. They suggest that hydrides at the crack tips
precipitate out only in grains having a preferred orientation with respect to
stress. Cracking therefore occurs through a mixture of hydride and metal,
which would have higher Ky values than pure hydride. Criteria for cracking of
the hydride have been postulated (Dutton et al. 1977b; Simpson 1981). On the
basis of this model, a hydride will grow at the crack tip when TSS is exceeded
but will not necessarily fracture.

B.2 NUCLEATION AND GROWTH MODEL

It has been suggested that K;, might also be explained by the classical
nucleation and growth theory. The basic CHC model by Dutton et al. (1977a)
implicitly assumed a hydride nucleus to be present at the crack tip and all



growth to occur at steady state. These assumptions accommodated a relatively
simple mathematical treatment of the model; but, as already indicated, it does
not give a very satisfactory explanation for some of the experimental observa-
tions. In this section, a qualitative description of the model that seems

somewhat more realistic will be provided.

A basic assumption of the proposed model is that supersaturation is
necessary for hydride nuc]eation.(a) Also, it is believed that the transient
hydrogen diffusion preceding steady state must be considered.

Figure B4 represents a section perpendicular to the crack tip where the
area between points a and b is the extent of the plastic zone, point c is the
position of the nearest hydride platelet, and point d is a hydride layer on the
crack surface. The hydrostatic stress P as a function of position (Figure B.4)
is shown in Figure BJS5.

At equilibrium there is no hydrogen flux (J = 0); thus, from Equa-
tions (B.l) and (B.4):

C(X) = Colc) + exp (3%) [P(X) - P(c)] (B.5)

where C(X) is the equilibrium hydrogen concentration at X in the presence of a

stress gradient and Cy(c) is TSS at X = c.

Because P(X) > P(c), the equilibrium hydrogen concentration C(X) increases
with increasing P, as shown in Figure B&6. From Equations (B.3a) and (B.3b):

C(X) = Cple) + exp (%) . [P(X) - P(c] (B.6)

where CT(X) is TSS at X, which decreases with increasing P, as shown in
Figure BS6.

(a) In a paper in which he shows theoretically that, due to lattice
constraints, TSS should be greater during cooling than heating, Puls
(1984) uses the term "undercooling,” but this seems to be different from
the term "supersaturation” used above.
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The above results, together with the requirement of supersaturation for
hydride nucleation, are used to obtain a qualitative criterion for Kyy. A
specimen in which the hydrogen in solution is uniformly distributed with
concentration CT(c) is shown in Figure B7. If atensile load is applied as in
Figure B.5, it may be seen from Figure B.6 that TSS at X = b, Cy(b) will be
lowest, and new hydride would be most likely to be precipitated there. Let the
degree of supersaturation be such that a concentration Ci(b) in Figure 07 1is
necessary to nucleate a hydride at b. Since Cy(b) > C{(b), a hydride would be
nucleated at b as soon as the load was applied.

Suppose, however, that a higher concentration, Cé(b), is needed for
hydride nucleation at b (see Figure B.7). Since Cy(c) < C5(b), a hydride would
not be nucleated immediately on the application of a load. However, the load
would cause redistribution of the hydrogen until equilibrium was reached. If
equilibrium was given by Curve 1 in Figure B.7, a hydride would never be
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precipitated at b. If the equilibrium hydrogen distribution was given by
Curves 2 or 3, a hydride would eventually be precipitated. Curve 2 corresponds

to the minimum stress intensity factor at which a hydride could be nucleated,
namely Kpye

The time evolution of hydrogen redistribution is now presented. To begin,
a specimen has a constant hydrogen concentration (C) as a function of position
(Figure B.8); C1 is assumed to be TSS at zero stress. With the application of
a load, the steady-state TSS will evolve from C1 to CT(c) at ¢ (a slight
decrease from Cl) and CT(b) at b (a large decrease from Cl)' A sufficient load
to precipitate a hydride at b is applied, and the resulting hydrogen redistri-
bution is presented in Figure B.,8., Hydrogen now diffuses up the stress
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FIGURE B.8. Time Evolution of Hydrogen Redistribution During
Hydride Nucleation and Growth

gradient from c to b at a steadily decreasing rate because the concentration
gradient, built up as shown by Curve 1, tends to retard hydrogen diffusion.
When the hydrogen concentration at b reaches C'(b) (Curve 2), a hydride
platelet is precipitated. The hydrogen concentration in the matrix at this
point immediately drops to its equilibrium value CT(b), as shown in Curve 3.
The steep hydrogen concentration gradient near the hydride now is in a direc-
tion to enhance diffusion. The hydrogen flux is immediately sharply increased
but then decreases gradually as the concentration gradient decreases, as shown
by Curve 4.  Provided the hydride does not fracture in the meantime, a steady-

state hydrogen distribution, as shown by Curve 5 is eventually developed.



The above description of growth and cracking applies to the first cycle
corresponding to incubation. As already mentioned, Coleman and Ambler (1979)
found the time for subsequent cracking cycles to be appreciably shorter, and
this may indicate that the "just cracked" hydride is the principal source for
hydride precipitation at the crack tip.

B.21  Cracking Behavior During Cooling

In Figure B9, an initial temperature T; is assumed with hydrides at a
and b and an equilibrium hydrogen concentration CT(T7). Equilibrium over the
hydride surfaces is assumed during cooling. Because TSS decreases with tem-
perature, the hydrides are sinks for hydrogen diffusion. Because of finite
diffusion rates, hydrogen distribution curves are set up for several tempera-
tures as shown in Figure BO. At lower cooling rates, the curves will become
flatter; during rapid cooling, new hydrides may be precipitated. Thus, for a
given temperature, the hydrogen concentrated at a crack tip (point 0 in Fig-
ure B.9) would be greater during cooling than at equilibrium.

In Figure B.10, the equilibrium hydrogen concentration under stress is
shown [as given by Equation (B.5)]. The equilibrium hydrogen concentration for
a tensile stressed specimen C(b) is less than the nucleation concentration,
CT(b), so that a hydride will not be nucleated at a constant temperature T. |If
the unstressed specimen is slowly cooled to T (Curve 1), a hydride will still
not be nucleated at b. However, with more rapid cooling (Curve 2), hydrogen
does not have time to diffuse from b, and a hydride will be nucleated as soon
as the stress is applied. However, once the temperature is maintained at T and
the equilibrium hydrogen distribution is approached, hydriding at b would stop
and, eventually, cracking would stop. The same would apply to a stressed spe-
cimen during cooling; then most of the cracking might occur during cooling.
Such an effect has been observed by Nuttall (1977).

Even though cracking may occur in the absence of cooling (e.g., Curve 3 of
Figure B.7), it would be expected to occur more rapidly during cooling under
stress, and it would slow down to a constant crack velocity some time after the

steady-state temperature was reached. Such an effect was seen by Ambler (1984).
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He found that the time required for the crack velocity to decrease to a con-
stant value depended on the final temperature, as given in Table B.1. For
fairly rapid cooling, this time may be given roughly by the following:

t = L2/D (B.7)

Using the value of D for Zr-2,5%Nb from Sawatzky et al. (1981) and
Ambler's time to equilibrium crack velocity at 100°C (Ambler 1984), Equation
(Bs7) yields L = 0033 om as hydride spacing. Assuming the same L, the time to
equilibrium was estimated for other temperatures. As seen in Table B.1,
agreement with the experiment is fairly reasonable.
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TABLE B.1. Time to Constant Crack Growth Rate as a
Function of Temperature

Time, h
Temperature, K Ambler (1984) Theoretical
373 40.0 40.0
423 15.0 10.0
473 1.5 3.32

B.2.2 Cracking Behavior During Heating

In Figure B9, there are hydrides at a and b with a crack tip at 0. The
initial temperature for the heating evaluation is Ty, and the hydrogen concen-
tration of the matrix is uniform at CT(Tl), the TSS on heating. The TSS
increases with heating so the hydrides act as sources for hydrogen diffusion.
It is assumed that TSS at a given temperature is less during cooling than heat-
ing, as shown at temperature T, [as does Puls (1984)1. At a given stress
intensity factor, there would be hydride formation and cracking during cooling
but not during heating. In Figure B9, the hydrogen concentration at the crack
tip is less when approaching T4 by heating than by cooling. Therefore, even if
cracking occurs at T, in the case of a stress-free specimen heated to T4 from
Ty and then stressed, more hydrogen must be redistributed before a hydride can
be nucleated at the crack tip than in the cooling mode. This would require a

longer incubation time in the case of heating.

In the Dutton et al. (1977a) model, the diffusion of hydrogen from neigh-
boring hydrides to the crack tip is assumed to occur at steady state, and the
mathematical treatment is fairly simple. In the nucleation and growth model,
the hydrogen concentration at the crack tip may first have to be built up by
stress gradient-driven diffusion until a hydride platelet can be nucleated,
after which growth occurs by further diffusion. Although the model may be
difficult to treat mathematically, it does provide a feasible qualitative
explanation for many of the experimental observations.
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APPENDIX ¢(a)

AXIAL HYDROGEN DIFFUSION

C.1 BASIC EQUATIONS

The hydrogen flux under a temperature gradient in a single-phase region is
given by the following (Sawatzky 1960):

ac  DQ*c dT
J = -D el o (C.l)
ax RT2 dx
where J = hydrogen flux
D = diffusion coefficient
¢ = hydrogen concentration
x = axial position on the fuel tube
Q*= heat of transport
R = gas constant
T = absolute temperature.
Conservation of hydrogen requires the following:
ac _ ad
'a_rt' - - ﬁ' (C.Z)
where % is the rate of hydrogen increase at x
Substituting Equation (C.1) into (C.2) results in the following:
dc .3 (pac\, 3 (D@ dT
3t~ ax <D 3x>+ BX(RTZ x) (C.3)

(a) This appendix is a near-reproduction of a portion of the discussion pro-
vided in Sawatzky (1986); limited editing has been performed where
necessary for clarity and brevity. Some terminology used in this appendix
(and Appendix B) may not match that used in the balance of the report.



The diffusion coefficient is given by

-p - =0
D=1D, + exp ¢+ (C.4)

where D, is the frequency factor and Q is the activation energy for diffusion.
Equation (C.4) is substituted into Equation (C.3), and since T is a function of
X, the following equation is obtained:

2 . . 2 . 2
|5 (S0 [ - 25

Equation (C.5) applies only to a single-phase region (here the solid solu-
tion alpha phase) where % is the time rate of change of the hydrogen concen-

tration at x. However, a simple model for thermal diffusion in the alpha-plus-

(C.5)

hydride region is available (Sawatzky 1960). The hydrogen is assumed to
diffuse only in the alpha matrix for which the hydrogen concentration is given
by the terminal solid solubility (TSS). The hydride is assumed to serve only
as a source or sink for hydrogen. This assumption is good to -2000 to

3000 ppm. The TSS is given by the following equation:

o= . __H
C' = C,* exp gy (C.6)

where H is the heat of mixing and cj is a constant. Differentiating c' gives

¢ H
ac' ) -H\ dT
— == exp(— -_— (C.7)
X RT2 RT/ dx
and
2 c H 2 2
3%c' ‘o |(H dT 2 d°T -H
=~ (ﬁ' 2T)(a;> 17 L] exn () (C.8)
ax RT dx
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Setting ¢ = ¢' and substituting Equations (C.4), (C.6), and (C.7) into
Equation (C.1) results in the following:

-D ¢
_ 00 H+Q*> (H+Q a7
VT2 ( )& -/ ) & (C.9)
Substituting Equations (C.4), (C.6), (C.7), and (C.8) into the left-hand-

side of Equation (C.5) gives

%% _ DoZo (H E Q*)[(H E Q _ ZT)(%)Z N T2 92_;] exp (_ %_Q) (C.10)

T dx

where % is the time rate of change of the hydrogen concentration in the alpha-

plus-hydride region.

C.2 APPLICATION TO AXIAL DIFFUSION

The equations developed in Section C.1 can be used to determine hydrogen
redistribution along the fuel tube. It is necessary to know the axial tempera-
ture profile as a function of time. As presented in Figure C.1, the tempera-
ture is assumed to be symmetric along a spent fuel storage cask and can be
represented by a sine function.(a) The temperature profile along a fuel rod
may be given by

= . sin ©
T =T, +A(t) Sin T +Xo)

(C.1l)
The origin x = 0 is taken as the upper end of the fuel tube, as seen in Fig-
ure C.1. The temperature at the ends of the cask is T, and is taken to be con-
stant with time. In general, the temperature profile is time dependent, as
shown by A(t), which is a function of time only. In Equation (C.11), L is the

(a) An example of the symmetric axial temperature profile may be found in
Creer and Schoonen 1986.
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length of the cask and x, is the distance between upper ends of fuel cask and

fuel tube. For computing purposes, the length of the fuel tube is divided into
w segments. The temperature profile is then given by

_ W T(E
T-T0+A(t) S|nL(wX+xo) (C.12)

where & is the length of the fuel tube and X is the number of the segment
starting at x = 0. The derivatives of T with respect to x are given by

dT %
- % A(t) cos % (x + xo) = — A(t) cos {— (W X + XO] (C.13)

=

——;-= (T} o) S'”Ll(%x+xo) (C.14)
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An analytical expression for A(t) is now developed. The maximum fuel tube
temperatures as a function of decay heat are given in Figure C2 for helium and
nitrogen cover gases. Using Figure C2 and Table Cl, the maximum fuel tem-
perature versus time after discharge can be obtained (see Figure C.3).

A semi-log plot of maximum temperature versus time is shown for helium
cover gas as Curve 1in Figure C.4, Curve 2 is the difference between the
maximum and ambient temperatures. It is fairly linear for long times and is
shown extended to shorter times as Curve 3 Curve 4 is the difference between
Curves 2 and 3 and is also linear. Expressing Curves 3 and 4 as exponentials
and adding results in the following:

T(°C) = 27 + A(t) (C.15)
where
A(t) = 300 « exp (-0.,28t) + 117 - exp (-0.0134t) (C.16)
For a nitrogen cover gas
A(t) = 590 - exp (-0.,41t) + 200 - exp (-0.0106t) (C.17)
.o . . ac 82c
The simplest finite-difference expressions for Tl and — are used in the
single-phase region, namely: ox
€ - ¥ re(x) - c(x - 1)] (C.18)
X A
2. wi2
3 (;) [c(X + 1) = 2¢(X) + c(X - 1)] (C.19)

These expressions, together with Equations (C.12), (C.13), and (C.14), are sub-
stituted into Equation (C.5). The hydrogen distribution as a function of time
can now be obtained, using



c(X, t + At) = c(X,t)

+ At ELiigﬁEll

(C.20)

where At is the time increment and %T [c(X,t)] is given by Equations (C.5) or

(C.10).
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TABLE C.l. Decay Heat for BAR Spent Fuel as Determined from
ORIGEN2 Predictions

Years
Since Decay Heat, W/kgU
Dis- 10 MWd/kgU 20 MWd/kgU 30 MWd/kgU 40 MWd/kgU 50 MWd/kgU 60 MWd/kgU
charge Burnup Burnup Burnup Burnup Burnup Burnup
1 3.193 4.850 6.381 7.966 9.569 11.160
2 1.504 2.524 3.520 4.604 5.786 7.058
3 0.879 1.590 2.333 3.180 4.151 5.245
4 0.596 1.148 1.752 2.464 3.309 4.288
5 0.462 0.924 1.445 2.070 2.830 3.727
10 0.307 0.629 0.991 1.437 1.996 2.678
15 0.271 0.553 0.865 1.244 1.714 2.283
20 0.245 0.503 0.784 1.119 1.527 2.013
25 0.227 0.470 0.725 1.022 1.390 1.850
30 0.211 0.440 0.670 0.940 1.275 1.660
35 0.195 0.403 0.615 0.870 1.160 1.510
40 0.175 0.370 0.562 0.800 1.050 1.360
45 0.160 0.337 0.520 0.735 0.970 1.225
50 0.144 0.313 0.487 0.677 0.878 1.092
600
I Burnup = 30 MWd/kgU
i == == = Burnup = 50 MWd/kgU
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FIGURE C3.  Maximum Cladding Temperature as a Function
of Time After Reactor Discharge




When TSS is exceeded and an alpha-plus-hydride region exists at the end of
the fuel tubes, the hydrogen flux is given by Equation (C.9). However, since
the hydrogen generally does not diffuse out of the fuel tube, it is assumed to
precipitate as solid hydride in the coldest region of the end cap. Such
hydride deposits have, in fact, been found in the Zircaloy fuel tubes of WR-1
(an organic-cooled reactor at the Whiteshell Nuclear Research Establishment in
Canada) and are identified in Figure C5 as Hydride #I. The hydride/alpha-
plus-hydride interface fell on an isotherm, as would be expected at or near
equilibrium. As a result, Equation (C.9) has been used to determine the amount
of hydrogen that may have diffused into the ends of the tube at any time and
that may have been deposited as hydride.

The hydrogen redistribution to be expected after 90 years and the amount
of hydrogen diffusing into the end caps have been predicted. The various
constants used are given in Table C2.  The upper limit of the hydrogen distri-
bution in Figure C6 was used as the initial hydrogen distribution. A value of
20 for w and a time interval of 0.1 year were used. These increments led to a
difference of <1.5% between the initial and final amounts of hydrogen.

Hydrogen distributions were computed for a burnup of 50 MWd/kgU for both
helium and nitrogen cover gases. The temperature profiles, TSS, hydrogen
distributions, and the amounts of hydrogen entering the end cap were calcu-
lated. Under helium, hydride was precipitated along the full length of the
fuel tube in <3 years; under nitrogen, it took -5 years. The actual change in
hydrogen concentration was small, <1 ppm for helium and <10 ppm for nitrogen.
In both cases, there was little further change after 10 years.

The total amount of hydrogen diffused into the end cap region after
90 years is about 0.00043 mg/cm2 for helium cover gas and 0.029 mg/cm2 for
nitrogen cover gas. Assuming that hydride is precipitated out, as shown as in
Figure Cb5,

= 2.16 (V)2 (C.21)

where V is the volume of hydride per unit length of circumference of fuel tube.

c.8
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TABLE C.2. Constants Used in Hydrogen Redistribution Calculations

Constant Value Reference
Q 10,830 cal/mol Kearns 1972
Q* 6,000 cal/mo]l Sawatzky 1960
H 9,300 cal/mol Sawatzky and Wilkins 1967
D, 7.73 x 1073 cmz/s Kearns 1972
o 1.99 x 10° ppm Sawatzky and Wilkins 1967
R 1.987 cal/mol1-K
L 490 om
[ 410 an
Xq 40 om
6
t 3.15 x 10” s
T0 300K
w 20
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FIGURE C.6., Axial Hydrogen Distribution Observed in Fuel Rod Zircaloy
Cladding from the Turkey Point Unit 3 Reactor (Atkin 1981)

The hydrogen concentration in solid hydride is about 110 mg/cm3. Therefore, in
boiling water reactor fuel tubes (wall thickness = 0.89 mm)

Vo= -(0-00043%1510-089)- = 348 x 1077 cm3fem for helium

= (0°029)11(()0'089) =23 x 10~9 cm3/cm for nitrogen

=<
|

The corresponding r values are

r =216 (348 x 10°7)1/2 = 00013 cm for helium

r=216 (235 x 10'5)1/2 = 0.010 an for nitrogen.

The axial temperature profile has been taken to be sinusoidal for the
hydrogen distribution calculations whereas, as indicated in Figure Cl,  there



may be a fairly sharp drop in temperature near the end of the fuel stack. This
drop has little effect on hydrogen redistribution as long as the hydrogen is in
solution. However, once TSS is exceeded, a higher hydrogen concentration might
be expected in this region than would be predicted. In fact, bands of solid
hydride extending halfway through the tube wall (as shown in Figure C5

Hydride #2) and leading to failure have been observed in experimental WR-1
fuels
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APPENDIX D

CREEP RUPTURE MODELING

This appendix is a condensation of the creep rupture modeling performed by
Chin, Khan, and Tarn (1986). Unless otherwise identified, the reference for
the material in this appendix is Chin, Khan, and Tarn (1986). Deformation/
fracture maps for Zircaloy were developed because of the observed success of

such maps for other metals, particularly 316 SS.

D.I DEFORMATION MAP CONSTRUCTION

An extensive survey of the literature was performed to identify possible
mechanisms of deformation in the Zircaloy alloy system. Based on this survey,
nine mechanisms were identified for investigation. These mechanisms were
placed into four general categories: high-stress deformation, diffusion-
controlled dislocation creep, grain boundary sliding, and diffusional creep.

The high-stress deformation mechanisms category includes the theoretical
strength of the material lattice that serves as an upper limit to deformation
by dislocation motion. Below this upper limit, high-stress deformation will
occur principally by conservative dislocation motion or glide. (a)

The diffusion-controlled dislocation creep processes are described by
formulations for high-temperature climb, low-temperature climb, and a diffu-
sional climb. All three formulations use a power law expression to describe
the relationship between strain rate and stress.

With the use of quantified equations for each of the deformation
mechanisms, a deformation map was produced by finding the portion of stress/
temperature space where a particular mechanism predicted the highest strain
rate. Analytical solutions were derived for each of the boundaries between
regions. The resulting deformation map is presented as Figure D.L

(a) Constitutive equations describing deformation and failure mechanisms,
along with their numerous references, are omitted here. Equations and
reference notations are presented in Chin, Khan, and Tarn (1986).

D.1
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FIGURE D.l. Deformation Map for Zircaloy (grain size = 5 um)
with Constant Stress and Strain Rate Contours

The map consists of regions dominated by the specific deformation mecha-
nism listed in each region. Regions for theoretical strength and dislocation
glide deformation do not show up on the plot because they occur at values of
a/E (stress/Young's elastic modulus) greater than shown [l n (¢/E) > -3.,73].
Harper-Dorn diffusional climb does not appear because Nabarro-Herring creep
dominates for this grain size. Grain boundary sliding (lattice diffusion) is
also narrowly eliminated by slightly higher high-temperature dislocation climb
and Nabarro-Herring deformation rates.



D2 FRACTURE MAP CONSTRUCTION

The methods for fracture map development, unfortunately, are not as
advanced as those used in deformation map generation. There is much debate
over the formulation of equations describing different fracture mechanisms.

One transgranular and three intergranular processes of fracture were considered
in this study for development of a fracture map.

Ductile transgranular fracture is at the higher end of the stress
spectrum. In this mechanism, the presence of a "hard"” inclusion disturbs the
elastic and plastic displacement fields and thus leads to the buildup of local
stresses at the inclusion-matrix interface. Once these local stresses reach a
critical value, the inclusion either separates from the matrix or fractures and
nucleates a hole. Once a void has nucleated further, plasticity makes it grow
until it joins with other voids and a fracture path is created.

Transgranular creep-controlled fracture is found at somewhat 1ower
stresses and at higher temperatures. This mechanism is very similar to ductile
transgranular fracture. Here, also, voids nucleate at inclusions within the
matrix and grow as the material creeps until coalescence occurs and the mate-
rial fractures. Void nucleation in transgranular creep follows the steps
described earlier for ductile fracture. In this case, however, if the tempera-
ture is high enough to allow diffusion, there is transport of matter from those
areas on the inclusion surface that are in compression to those areas that are
in tension. This transport tends to stabilize the plastic flow and thus post-
pone the coalescence of the voids.

Experimental observations of intergranular fracture have shown that there
are two distinct characteristics of intergranular failure: wedge cracking and
cavitation. One constitutive equation for wedge or triple-point cracking is
presented; cavitation failure is described by two processes: power-law and
diffusional growth.

Triple-point cracking occurs at low strain and relatively high stress. In
this mechanism, the application of a tensile stress causes sliding of grains
along the grain boundaries, giving rise to a stress concentration at triple-
points. This stress concentration can be relieved by the nucleation of a crack




or change of the grain boundary orientation. Once the crack has been nucleated
at the triple-point, it continues to grow by sliding of the grain boundaries.

Cavitation failure, on the other hand, has been experimentally observed
under conditions of low stress and high temperatures. Here, cavities are
nucleated and grow on the grain boundaries; the cavities continue linking up
until fracture occurs. Diffusional growth models are based on the fact that
vacancies diffuse along the grain boundaries, preferentially being absorbed
into cavities. This movement of vacancies is equivalent to a reverse flow of
atoms from the cavity between two adjacent grains. The cavities are separated
by a bridge of material that must deform if the cavities are to grow. The
growth of each cavity is thus controlled by the creep of the surrounding matrix
of material, which is in turn controlled by a power-law-type behavior. A
formulation describing this creep-controlled fracture behavior was adopted in
this study. Mechanisms involving dynamic recrystallization and dynamic
fracture were not included in this analysis because they require stress and
temperatures greater than expected for normal inerted dry storage (IDS)
conditions.

Using the fracture equations with the appropriate coefficients, analytical
solutions for the boundaries between dominant fracture regions were developed.
A fracture map was then generated using the strain rate predictions of the
deformation map (see Figure D.2). Direct substitution of strain rates from the
deformation map into the fracture equations results in a map that is totally
dominated by triple-point cracking for stresses >150 MPa. This phenomenon
results from the assumption that the contribution of grain boundary sliding to
the total creep rate is a constant 20%. To alleviate this problem, an upper
limit stress of 200 MPa was chosen for triple-point cracking. At this stress,
the grain boundary sliding contribution was placed at zero. Hence,
transgranular fracture becomes the dominant mechanism for higher stresses.

Because the fracture mechanisms depend on the rate at which deformation is
accumulated, a change in the deformation map is usually reflected in the
fracture map. Often, both the regions of dominance and the times to fracture
are altered.
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from Deformation Map

Expressions to describe the ductile transgranular fracture region were

developed based on experimental yield stress and ultimate tensile strength
This region was added by plotting the locus of the yield stresses, one

from each temperature, onto the fracture map.

data.

D3

COMPARISON OF THE MODEL WITH THE EXPERIMENTAL DATA

Experimental strain rate data were placed on a series of stress versus
strain rate plots with each plot containing strain rate predictions for a
specific temperature. The plot at 350°C is illustrated in Figure D.3. The

data shown are for zirconium alloys used by each investigator.
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Experimental fracture data were plotted on a series of stress versus time
to fracture plots, with each plot containing predicted stress at fracture for a
specific temperature. The plot for 350°C is presented as Figure D4 The
spread of the experimental data may be attributed to the variety of zirconium
alloys used by the investigators. Additionally, much of the fracture data were
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obtained from programs investigating stress corrosion cracking (SCC) rather
than creep rupture; experimental conditions (high stresses) were such that SCC
occurred more rapidly than creep rupture would have occurred.
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The best data prediction comparisons are for the temperature range of
interest for IDS: 250 to 400°C.

D4  ENVIRONMENTAL AND IRRADIATION EFFECTS

Examination of three data sets generated at the Argonne National Labora-
tory (Yaggee, Mattas, and Neimark 1979), Kraftwerk Union (Peehs and Fleisch
1986), and the Chalk River site (Novak and Hastings 1983) revealed that the
loss of ductility is one of the principal effects of irradiation. Post-
irradiation data showed fracture strains between 5% and 12% that correspond to
reductions in ductility of 1/2 to 1/10.

For simplicity and because of the lack of additional postirradiation data,
irradiation was assumed to reduce the ductility of the cladding by a factor of
10 in the stress/temperature region of interest for dry storage. Such an
assumption is consistent with postirradiation behavior seen in 316 stainless
steel. In a comparison of postirradiation, in-reactor, and laboratory
pressurized tube specimens, only the onset of tertiary creep was found to be
affected by irradiation. Because the steady-state creep rate is not affected
by irradiation and because tertiary creep is theoretically associated with the
onset of fracture of the material, it is consistent to assume that the primary
effect of irradiation is a reduction in ductility that leads to a reduction by
some constant factor in the fracture time. This assumption of a loss in duc-
tility at fracture also leads to the enhancement of the triple-point cracking
region to lower stresses because triple-point cracking is a relatively low
strain (to fracture) mechanism. Irradiation also moves the boundary of the
ductile transgranular fracture region upward by increasing the yield strength
of the material.

In addition to stress and temperature changes that occur during dry
storage of spent fuel, there will be Zircaloy microstructural adjustments that
are anticipated to change material properties. These adjustments are the
result of recovery of irradiation damage, including irradiation-enhanced dis-
location density, point defect concentration, and other effects that are
"annealed"” out as a function of time in dry storage. This recovery is time and
temperature dependent and is an important factor when storage temperatures
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exceed 350°C. As the irradiation damage is annealed out, the material prop-
erties are anticipated to approach those of unirradiated material. The
principal effect of annealing in the dry storage stress/temperature regime is a
recovery of ductility. The time and temperature dependence of annealing,
expressed as a recovery factor, is presented in Figure D5. The relationship
in Figure D5 is based on data from nonirradiated, cold-worked Zircaloy;
annealing of loop and cluster damage from irradiation may occur more quickly.

D5 LIFE-FRACTION RULE

Of particular interest to cask designers is the maximum allowable initial
storage temperature of the cask. All passive storage concepts to date project
a decrease in storage temperature with time because of the decay in the heat
generation rate of the fuel. To account for this anticipated decrease in
storage temperature, a life-fraction rule was used to calculate accumulated
damage for decreasing temperature conditions. The life-fraction rule can be
expressed as the following equation:
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FIGURE DA5. Time and Temperature Dependence of Recovery Factor
(annealing) in Zircaloy. Based on data reported by
Steinberg, Weidinger, and Schaa (1984).



where At is the time spent at the ith temperature and t; is the time required
to fracture a specimen under isothermal, isostress testing conditions. When
the cumulative damage fraction--the sum of the life fractions (Ati/ri)-—reaches
1, the material is assumed to have faﬂed.(a)

D6  ANALYSIS OF FEDERAL REPUBLIC CGF GERMANY DATA

Chin, Khan, and Tarn (1986) used the deformation and fracture map method-
ology to analyze data from four studies: 1) a study to simulate the dry
storage of a pressurized water reactor (PWR) spent fuel assembly (Assembly B02
of the Turkey Point PAR) conducted at the Nevada Test Site in the Engine
Maintenance and Disassembly (EMAD) shielded facility; 2) a study of abnormal
dry storage events conducted at Pacific Northwest Laboratory (PNL); 3) a study
performed by the Federal Republic of Germany (FRG) in support of its dry spent
fuel storage effort; and 4) a study reported by Westinghouse Hanford Company in
support of a dry spent fuel storage program. Only the analysis of the FRG data
is discussed here to illustrate the utility of the deformation and fracture map
methodology developed for Zircaloy-clad spent fuel.

A summary of both unirradiated and irradiated strain rate data from tests
conducted by the FRG in support of its dry spent fuel storage effort is pre-
sented in Table D.I (Peehs et al. 1979). The data are superimposed on pre-
dictions of the deformation and fracture map methodology in Figure D6. These
plots represent temperatures of 300, 325, 350, and 375°C. Generally, good
agreement is found between predictions and data. The data at these temper-
atures fall towards the lower limits of the data field (lower creep rates), but
they are consistent with the data of other investigators. Because the FRG data

(a) Another application of the life-fraction rule, with additional discussion,
is presented in Reid and Gilbert (1986).



TABLE D.1. Strain Rate Data from the Federal Republic of Germany
(Peehs et al. 1979)

Temperature, °C Stress, MPa Strain Rate, s~!
275 200 4215 x 10711
300 150 481 x 10711
300 200 8.25 x 10711
325 150 1.01 x 10710
325 200 1.953 x 10710
350 150 2.65 x 10710
350 200 1.18 x 1079
375 150 1.1185 x 1079
375 70 6.09 x 10-11(a)
375 70 4.74 x 10711(a)
400 150 9.4 x 10710
400 112 3.61 x 10710
400 75 2.81 x 10-10
400 70 1.74 x 10710
400 70 1.625 x 10710
400 70 1.44 x 10710
400 70 1.323 x10-10
400 70 1.87 x 10710
400 70 1.92 x 10-10
400 70 1.48 x 10710
400 70 1.63 x 10°10
400 70 1.0025 x 1079(a)
400 70 9.485 x 10-10(a)

(a) Out-of-reactor creep data.

fall towards the lower creep rate side of the data field, strain rates are best
predicted by the lower-limit creep rate prediction of the deformation and
fracture map models.

The FRG data are displayed on plots of stress versus fracture time predic-

tions in Figure D,7., These maps represent temperatures of 300, 325, 350, and
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375°C. None of the FRG specimens have actually fractured; therefore, the test
data represent maximum time of exposure at temperature without fracture. This
has been indicated by arrows pointing to longer times. Again the fracture maps
appear to be conservative; no fractures are reported before predicted failure.
At 350°C and 400°C, some specimens have exceeded the predicted fracture time
without indications of failure. However, since the accumulated strain on each
of these specimens exceeds 1%, they are all approaching failure. It is there-
fore concluded that the deformation and fracture maps provide good agreement
with FRG data.
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APPENDIX E

STATUS OF INERTED DRY STORAGE TECHNOLOGY

There has been a great deal of activity in inerted dry storage (IDS) since
the 1983 report by Johnson and Gilbert. A number of storage casks have been
designed, two storage facilities have been licensed in the United States, and
considerable scientific work has been initiated and/or completed on dry stor-
age. This appendix discusses the current need for IDS in the United States,
IDS systems currently being promoted in the United States, and the status of

IDS licensing. An overview of IDS experience is also provided.

E.l EXPECTED SCOPE CF DRY STORAGE FOR US. SPENT FUEL

Wet storage of spent fuel continues to be the principal interim spent fuel
storage technology in use in the United States. All spent fuel will continue
to be discharged to water pools and will remain in wet storage until decay heat
levels decrease to Tevels consistent with maximum allowable cladding tempera-
ture limits during dry storage. Wet storage is a demonstrated, safe technology
that has functioned effectively for years (IAEA 1982; DCE 1980; Johnson
1977). Most utilities will probably fully utilize their current or planned
investments in wet storage facilities; dry storage will therefore be considered
as a supplemental technology.

Beginning in 1987, some pressurized water reactors (PWRs) and boiling
water reactors (BWRs) in the United States will begin to lose their full core
reserve capabih‘ty(a) (DOE 1986). The number of spent fuel assernblies expected
to exceed the capacity of currently licensed storage facilities is presented in
Figure E1.  This projection was based on utility estimates of spent fuel dis-
charge rates and storage capacities, including currently licensed dry storage
at the Surry and H B. Robinson-2 plants. It assumes pool sharing between
multiple plants at a common site when the plants share a common storage pool

(a) Full core reserve capability is the capability to remove the entire fuel
load from the core and place it in the storage pool.
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FIGURE E. 1. Projected Number of Spent Fuel Assemblies (cumulative)
in Excess of Available Onsite Storage Capacity

or when storage pools are linked by underwater connections for fuel transfers.
The projected amount can probably be considered a maximum because it does not
take into account increasing fuel utilization, planned (but not currently
licensed) dry storage, or trans-shipments of spent fuel between plants of a
utility.

To help alleviate the anticipated storage problem, the 1982 Nuclear Waste
Policy Act specified that the federal government would begin to accept fuel
from utilities in 1998 for storage in monitored retrievable storage (MRS) or
final repository facilities, provided that utilities have not elected to
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reprocess the fuel. The United States has no current prospects for relieving
the storage situation through reprocessing of spent fuel for recovery of
uranium and plutonium and subsequent consolidation of waste. Until the MRS
facility or the final repository has been implemented, IDS is expected to

handle storage needs not met by wet storage.

No commercial fuel reprocessing has occurred in the United States since
1971; therefore, a substantial fraction of the stored spent fuel inventory
consists of older fuel assemblies. The burnup distribution of discharged and
stored fuel assemblies as of December 1985 is presented in Figure E.2 (Bailey
and Wi 1986). A total of 29,174 BAR fuel assemblies and 18,518 PAR fuel
assemblies were discharged in the United States by the end of 1985
(DOE 1986). Of the total, only 1,140 BAR and 577 RAR assemblies have been
reprocessed at the West Valley facility.
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E2 PRINCIPAL STORAGE SYSTEMS

The two principal dry storage systems currently being promoted in the
United States are metal casks and concrete modules. Other systems under con-
sideration include vaults and dry wells. The discussion that follows provides
a brief but not necessarily complete overview of the principal designs that are
currently being offered by various nianufacturers.

The CASTOR series of metal casks was initially designed and manufactured
in the Federal Republic of Germany (FRG) by Deutsche Gessellschaft fur
Wiederaufarbeitung von Kernbrennstoffen mbH (DWK). The CASTOR series casks are
made of nodular cast iron and are designed to hold a varying number of spent
fuel assemblies: la, 4 PAR assemblies; Ib, 4 PWR assemblies; lc, 16 BAR
assemblies; and V/21, 21 PWR assemblies (Spilker and Fleisch 1986; Creer and
Schoonen 1986; Fleisch and Peehs 1986). The V/21 cask is supplied by General
Nuclear Systems, Inc. (GNSI), a joint-venture of Gessellschaft fur Nuclear
Service (GNS) and Chem-Nuclear Systems, Inc. The CASTOR casks are filled with
helium and passively cooled by air. The V/21 cask has been used in a testing
program conducted by Pacific Northwest Laboratory (PNL) at the Idaho National
Engineering Laboratory (INEL) (Creer and Schoonen 1986) and has been licensed
for dry storage at the Surry plant (Godlewski 1987; Smith, McKay, and Batalo
1986). A licensing action by the US. Nuclear Regulatory Commission (NRC) has
set the cladding temperature limit for the CASTOR V/21 cask at 370°C (Levy
et al. 1987). The FRG has set a cladding temperature Timit of 400°C for the Ic
cask in use at the Gorleben facility (Muller 1986).

In the NUTECH Horizontal Modular Storage (NUHOMS) system, spent fuel
assemblies are placed in a helium-filled stainless steel canister, which is
then horizontally stored in a passively air-cooled concrete module. Each
canister and module is designed to store seven PAWR assemblies (Massey et al.
1986). This system has been licensed for dry storage at the H B. Robinson
plant (Godlewski 1987; Roberts and Sturz 1986). The NRC-licensed maximum
cladding temperature is 380°C (Massey et al. 1986).

Additional metal casks designs that have been announced but not yet
licensed include the following:
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The TN-24 cask, a forged steel cask, is manufactured by Transnuclear,
Inc. (TN) and has several variations. The basic TN-24 cask is
designed for 24 PWR assemblies or 52 BAR assemblies; the TN-24P cask
is specifically designed for 24 PAR assembles; the TN-BRP cask was
designed for transport and storage of 85 Big Rock Point BAR spent
fuel assemblies; and the TN-REG cask was designed for transport and
storage of 40 R. E. Ginna PR spent fuel assemblies (Williams and
Goldman 1986). Specified cladding temperature limits are 375°C for
the TN-REG cask and 336°C for the TN-BRP cask (Pennington and Teer
1986). An additional TN cask, the TN 1300, is designed to hold

12 PWR assemblies (Spilker and Fleisch 1986).

The MSF-IV cask (originally REA 2023) uses a stainless steel outer
skin, a lead/stainless steel gamma shield, and a water/glycol neutron
shield (McKinnon et al. 1986a). This cask was originally developed
by Ridihalgh, Eggers & Associates (REA), but the rights to the cask
now belong to Mitsubishi Heavy Industries (Godlewski 1987). The cask
is designed to hold 52 BWR spent fuel assemblies.

Westinghouse Electric Corporation has designed a cask designated the
MC-10 that will hold 24 PAR assemblies (Godlewski 1987). The primary
cask material is forged steel.

Nuclear Assurance Corporation (NAC) has designed a combination
transport/storage cask designated the NAC S100 (Roberts and Sturz
1986). This cask has a capacity of 24 BRAR or 60 BAR spent fuel
assembl 1es.

Combustion Engineering (CE) is proposing two carbon steel casks: the
Dry-Cap-P24 to hold 24 PWR assemblies and the Dry-Cap-B60 to hold
60 BAR assemblies (Godlewski 1987; Roberts and Sturz 1986).

Robatel SLPI of France has designed the RS-24 metal cask (Robatel and
Bochard 1986) to handle 24 RAR assemblies with a maximum cladding
temperature of 300°C. The RS-24.1 cask is for transport and storage
of spent fuel after 4 years of cooling, and the RS-24.2 cask is for
storage of spent fuel after 10 years of cooling.
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Two other dry storage systems have been proposed. One is a modular dry vault
system being proposed by the Foster-Wheeler Company and General Electric
Company of the United Kingdom (Godlewski 1987; Roberts and Sturz 1986). In
this concept, the fuel is placed in metal canisters and stored in concrete
vaults. The other system is a nontransportable concrete cask storage system
being proposed by Nuclear Packaging (NuPac). The NuPac CP-9 cask will hold

9 BAR assemblies, and the NuPac CB-25 cask will hold 25 BAR assemblies. Varia-
tions of each concrete cask will allow either dry or wet transfer (Godlewski
1987). This cask system is based on the Canadian system of storing CANDU fuel.

E3 STATUS CF LICENSING FOR DRY STORAGE CF LIGHT-WATER REACTOR (LWR) FUEL

Dry storage facilities are now licensed in both the United States and
other countries.

E.3.1 United States

In 1986, two facilities at commercial US. reactor sites were licensed for
dry storage of spent fuel in an inert gas atmosphere. These two facilities are
at the Surry plant, operated by Virginia Power and Electric Company, and the
H. B. Robinson-2 plant, operated by Carolina Power and Light.

The licensed facility at Surry is storing spent fuel in CASTOR-V/21 casks
placed vertically on concrete pads (Smith, McKay, and Batalo 1986). The
facility was licensed on July 2 1986, for a period of 20 years (Godlewski
1987). The license allows for three concrete pads with a capacity of 28 casks
per pad (84 casks total). The CASTOR-V/21 cask (Creer and Schoonen 1986) has a
capacity of 21 PAR assemblies that have been aged(a) for 5 years and has been
licensed with a maximum cladding temperature of 370°C (Levy et al. 1987). As
of December 1986, two casks had been loaded and the first cask was in place on
a concrete pad (Godlewski 1987).

The licensed facility at the H B. Robinson plant uses the NUHOMS concept:
a metal spent fuel canister that is stored horizontally within a concrete
module. Each metal canister with its concrete module is designed to hold seven

(a) Fuel age refers to the time after the fuel was removed from the reactor.



PAR assemblies with a maximum cladding temperature of 380°C (Massey et al.
1986). The facility was issued a 20-year license on August 13, 1986, for a
total of eight modules; three of the modules have been constructed (Godlewski
1987). The fuel to be stored in the facility will have been cooled for 5 years

and have a maximum burnup of 35 MWd/kgU.

The CASTOR-V/21 and NUHOMS dry storage systems are the only ones that have
been issued letters of approval and safety evaluation reports by the NRC
(Roberts and Sturz 1986). Other casks under review by the NRC include the
following:

® CASTOR-Ic - topical report submitted in 1984 and approved in 1985

® TN-24 (plus variations TN-24P, TN-REG, TN-BRP) - topical report has
been submitted on TN-24P

® MSF-IV (REA 2023) - topical report submitted in 1984 by REA; a new
topical report submittal by Mitsubishi is expected

® MC-10 - topical report submitted by Westinghouse in 1985; the NRC
returned comments to Westinghouse in December 1985

® NAC S100 - topical report submitted by NAC in 1985; NRC returned
comments to NAC in October 1985

a Dry-Cap-P24 and Dry-Cap-B60 - topical report submitted by CE in
December 1985.

E32 Foreign

Four foreign facilities have been licensed for dry storage of spent fuel.
These facilities are at Gorleben, FRG Whiteshell Nuclear Research Establish-
ment (WNRE) and the Gentilly-1 reactor site, Canada; and the Swiss Federal
Institute for Reactor Research, Switzerland.

The away-from-reactor (AFR) facility at Gorleben will use CASTOR series
casks for intermediate storage of spent fuel for a period of 40 years (Einfeld
and Popp 1986). This facility has a capacity of 1500 MIU (420 casks) and was
licensed by the Physikalisch-Technische Bundesanstalt (Muller 1986). The casks
are to be stored inside a building; the building facilitates natural air con-

vection cooling and provides radiation shielding for the surrounding



environment but does not function as a barrier against the escape of radio-
active materials. Spent fuel may be stored after 1 year of aging and with a
maximum burnup of 35 MWd/kgU for PAR fuel and 33 MWd/kgU for BAR fuel. A
maximum cladding temperature of 400°C has been specified (Muller 1986). A
second AR facility is planned at nearby Ahaus.

Dry storage of WR-1 spent fuel at WNRE began in 1975. In 1985, a WNRE
canister design was licensed by the Atomic Energy Control Board for the storage
of Gentilly-1 spent fuel at the Gentilly-1 site (Patterson and Hoye 1986). The
WNRE storage concept is based on storage of fuel elements in metal baskets,
which are then placed in vertical concrete canisters. The Gentilly-1 fuel that
is being stored has a maximum burnup of 47 MWd/kgU and was cooled for 7 years
prior to IDS.

Spent fuel from the DIORIT reactor in Switzerland has been licensed for
dry storage onsite at the Swiss Federal Institute for Reactor Research (Ospina
1986). The fuel storage cask is a variation of the CASTOR design. Prior to
being placed in IDS, the spent fuel, with a maximum burnup of 17.7 MWd/kgU, was
cooled for 10 years.

E.4 DRY STORAGE RESEARCH PROGRAMS

The research being performed in support of dry storage of spent fuel may
be grouped into the following two general areas:

® behavior of spent fuel during dry storage, with emphasis on demon-
strating the acceptability of dry storage - A major objective is
specifying the maximum allowable cladding temperature during storage.
This work includes single-rod experiments, fuel assembly experiments,
and specialized tests for obtaining data on, for example, creep
behavior and resistance to iodine stress corrosion cracking. A
summary of experience and a description of the overall status of
research targeted for licensing IDS are presented in Section E4.l
A summary of specified maximum allowable cladding temperatures is
presented in Section E4.2. Comments related to storing spent fuel
in air are provided in Section E4.3.
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® performance analysis of dry storage systems, with the emphasis on
evaluating thermal and radioactive shielding performance - A major
objective of this work is to provide data for computer code
modeling. A principal example of this type of test is provided by
Creer and Schoonen (1986), and this type of work was discussed in
Section 4.2

E4.1 Summary of Dry Storage Testing Experience

Experimental programs and long-term storage demonstrations are summarized
in Tables E.I and E2; the data in these two tables are based on Tables 5 and 6
from Johnson and Gilbert (1983). Demonstration tests conducted in the United
States on dry storage casks are summarized in Table E3. In the period since
the summaries were originally prepared, a number of the identified programs
have continued while a few new programs have been initiated. To date, more
than 30,000 fuel rods have been exposed to IDS for periods ranging from days to
more than 10 years. Cladding temperatures have ranged from less than 100°C to
greater than 450°C. A general summary of the dry storage experience is

presented below:

® Work performed in the FRG has been summarized in Peehs and Fleisch
(1986); Peehs, Bokelmann, and Fleisch (1986); and Fleisch and Peehs
(1986). More than 3000 MR fuel rods have been used in dry storage
tests with cladding temperatures ranging up to 450°C and test periods
to 30 months; no rod failures have been reported.

® Canadian experience with WR-1 and pressurized heavy water reactor
spent fuel placed in dry storage using concrete silos has been
summarized by Patterson and Hoye (1986). More than 9000 fuel rods
have been stored dry in inert gas. No rod failures have been
reported.

® Considerable experience in dry storage of advanced gas reactor (AGR)
spent fuel in the United Kingdom has been obtained at the Wylfa
magnox power station (Cundill, Wheeler, and Barrett 1986). Three
storage modules containing 249 x 10° kgU spent fuel cooled by COp
have been operating since 1973. The maximum operating cladding



TABLE EL Laboratory/Hot Cell Tests Involving Zircaloy-Clad Spent Fuel ()
b Temperature,
Country site(b) Cladding °C No. Rods Time, days
USA BCL/HEDL Zircaloy-4 480 to 570 14 30 to 320
USA BCL/HEDL Zircaloy-4 325 6 87
USA BCL/PNL Zircaloy-4 325 2 87
USA PNL Zircaloy-4 800 3 1to?2
USA BPRI/TVA/ Zircaloy-4 250 to 350 48
HEDL/ ANL
USA NRC/HEDL/ Zircaloy-2 230 4 248
INEL Zircaloy-4 230 4 248
Canada AECL/OH Zircaloy-4 220 to 250 13 30
Canada AECL/OH Zircaloy-4 150 16 1300
FRG KvU Zircaloy-4 100 to 300 550
RG KVU Zircaloy-4 350 to 450 20 40 to 170
FRG/Italy Ispra/NUKEM Zircaloy-2 400 25 18
Zircaloy-4 430 to 450 50 150
RG KVU Zircaloy-4 400 6 180
(a) This table was abstracted from Table 5 of Johnson and Gilbert (1983).
All tests except the Canadian tests at 150°C had some type of sur-
veillance monitoring.
(b) See acronym list for definitions (p. vii).
temperature has been 150°C, though 600°C is specified as the limiting
temperature. Two additional modules using air as the cooling mediun
were added in 1980; more than 70 x 10° kgu of spent fuel have been
cooled in air with maximum cladding temperatures of 150°C since
1983. No fuel rod failures have been reported.
® The IDS experience in the United States has not been fully summarized

recently; general overviews are presented in Godlewski (1987) and

Roberts and Sturz (1986). Approximately 18,700 MR fuel rods have



TABLE E.2. Dry Storage pemonstrations Involving Zircaloy-Clad
Spent FueI?a?

b Temperature,
Country Site( ) Cladding No. of Rods °C
USA EMAD/NTS Zircaloy-4 816 170
UsA EMAD/NTS Zircaloy-4 204 150
USA EMAD/NTS Zircaloy-4 2448 220
USA Climax/NTS Zircaloy-4 2244 230
USA EMAD/NTS Zircaloy-4 202 275
Canada WN\RE Zircaloy/ >2484 120

2.5%Nb
Canada WN\RE Zircaloy-4 7921 120
RG KAO Zircaloy-4 180 300
FRG KAO Zircaloy-4 180 400
RG KW Zircaloy-2 896 385
RG KKS/ Zircaloy-4 816 430
Karlsruhe

Sui EIR Zircaloy-2 180

(a) This table was abstracted from Table 6 of Johnson and Gilbert
All tests except the Canadian Zircaloy-4 tests had

(1983).
some type of surveillance monitoring.

tored only the cask exterior temperature.

(b) See acronym list for definitions (p.

vii).

The Swiss test moni-

been used for dry storage testing and demonstrations; in addition,
9450 PAR rods are stored in the first two casks at the Surry inde-

pendent spent fuel storage installation (ISFSI),

and 106 canisters of

non-LWR fuel rods have been stored at the Idaho Chemical Processing

Plant (Christensen et al.

1986).
have concentrated on fuel behavior modeling (Chin,
1986; Levy et al.

In general,

conditions (e.g., Creer and Schoonen 1986).

recent US
Khan,
1987) and evaluation of metal cask operating

IDS efforts
and Tarn,




Only two fuel rod failures (cladding breach) have been reported during
dry storage testing of spent fuel. The first fuel rod failure occurred in
Assembly BO2 from the Turkey Point reactor during testing at the EMAD
facﬂity.(a) This spent fuel assembly was stored in helium at <150°C for
4 years at the EMAD facility. The rod failure occurred during a fuel
temperature test at 270°C with air as the cover gas (Johnson et al. 1985;
1987). The cause of the rod failure has not been determined; 17 Turkey Point
fuel assemblies containing -3500 fuel rods were involved in the EMAD program.

The second fuel rod failure occurred during performance testing of a
TN-24P cask (McKinnon et al. 1986b). Based on cask cover gas analysis, one rod
apparently developed a small leak during the fourth test series with the fuel
in the cask. This horizontal test used helium as the cover gas and followed
three vertical tests using varying cover gases. The cask held 24 assemblies
containing 4896 fuel rods. The cause of the rod failure is not known, and
post-test examination has not yet been performed.

Therefore, as of early 1987, there have been only two known fuel rod
failures during dry storage testing and demonstration of >30,000 Zircaloy-clad
spent fuel rods (>18,000 MR rods plus spent fuel from CANDU, AGR and other
reactor designs). One of the rods failed during testing in air, so only one
rod has failed during dry storage using an inert cover gas.

E4.2 Specified Maximum Cladding Temperatures

The major emphasis in many research programs has been the determination of
acceptable storage conditions, principally cladding temperature, for dry stor-
age of spent fuel. Cladding temperature during dry storage is of major concern
because temperature directly affects internal gas pressure in rods and thus
cladding stress. Cladding stress, in turn, is the primary driving force for
cladding failure, e.g., creep rupture, stress corrosion cracking, delayed
hydride cracking. Though cladding stress is the parameter promoting failure,

(a) Engine Maintenance and Disassembly facility, Nevada Test Site; used for a
dry storage demonstration of spent fuel in dry wells.

E.12



temperature is the variable that can be directly controlled. Listed below are
the limiting conditions for MR spent fuel in IDS that have been specified to
date:

e a maximum allowable cladding temperature of 380°C, recommended by
Blackburn et al. (1978). This limit was based on an analysis of
stress rupture while accounting for a decay temperature history.

® a maximum cladding surface temperature limit of 380°C, recommended by

Johnson and Gilbert (1983). This limit was derived based on research
information available at that time.

® a maximum cladding temperature limit of 370°C for the CASTOR V/21
cask, specified by the NRC for the Surry dry storage license (Levy
et al. 1987). The V/21 cask is currently licensed for fuel cooled
for 5 years, with a maximum initial enrichment of 22 wt% 235U. The
CASTOR Ic cask was assigned a maximum cladding temperature limit of
400°C by the NRC (Levy et al. 1987) and FRG licensing authorities
(Muller 1986).

® a maximum cladding temperature limit of 380°C, specified by NUTECH,
and licensed by NRC, for the NUHOMS system (Massey et al. 1986).
Fuel is to have a maximum burnup of 35 MWd/kgU and to have been
cooled for 5 years.

a a maximum cladding temperature limit of 300°C, specified by the
manufacturer for the RS-24 (Robatel and Bochard 1986)

e manufacturer-specified limits on the TN-24 cask and its derivatives,
as follows: TN-24, 375°C, 35 MWd/kgU, 5 years cooling, 3.7% 235,
TN-REG, 375°C; and TN-BRP, 336°C (Pennington and Teer 1986). Note
that the TN-REG and TN-BRP are special design variations of the
standard cask (Williams and Goldman 1986).

® a cladding temperature limit of 375°C for the proposed US. MRS
facility (Woods and Unterzuber 1986).

e a variable temperature Iimit based on the temperature-time history

during storage of the spent fuel, internal gas pressures (and

E.13



resulting cladding stress) in the spent fuel, and modeling of failure
mechanisms (Levy et al. 1987). This model is based on deformation
and fracture maps (presented in Section 32 and Appendix D) and is
presented in more detail in Section 4.

E.4.3 Dry Storage of Spent Fuel Using Air as a Cover Gas

Though not the topic of this report, dry storage of spent fuel in air is
of interest from the standpoint of increased convenience and reduced storage
costs. The convenience and cost benefits arise principally from the reduced
cask atmosphere monitoring requirements and being able to use a freely avail-
able resource for cooling. Monitoring requirements are reduced because the
integrity of an inert gas atmosphere does not have to be assured i f acceptable
conditions for air cooling are defined.

The main issue of concern with dry storage in air is the possible access
of the air to the U02 fuel through a cladding defect and the subsequent
oxidation of the fuel. Oxidation of the fuel can lead to swelling, splitting,
and possible breakup of the cladding, as well as to the formation of respirable
size particles. Cladding degradation and respirable particle formation would
result in handling difficulties and risk of radiological exposure. Several
studies are under way to define acceptable conditions for storing spent fuel in
air (Gilbert and Einziger 1986).

TABLE E.3. Dry Storage Cask Demonstration Tests in the US
(Johnson, Gilbert, and Bailey 1987)

Maximum Cladding

Cask Temperature, °C Test Period, d
MSF-IV (REA-2023) 250 125
CASTOR V/21 350 100
TN-24P 290 250
MC-10 210 125

E.14
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