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FOREWORD

The Boiling Water Reactor Technology Status of the
Art Report consists of four volumes that treat respectively
the following major areas of boiling water reactor design:

Vol. I - Heat Transfer and Hydraulics (##<-65 é/}

Vol. II - Physics — Viewes fitcb
Vol. III - Water Chemistry and Corrosion CMM}
Vol. IV

The objectiveis to provide the reader with informa-
tion pertinent to the design and operation of boiling water
reactor power plants. Nuclear instrumentation and reactor
control are not covered in this Status of the Art Report as
this subject is adequately covered in J. M. Harrer's book,
"Nuclear Reactor Control Engineering" whichhad its genesis
in parallel efforts to this volume. Radioisotope hazards
analysis and safeguards are also not included since these
and other related disciplines are the subject of timely,
single-volume documents available in the open literature.

In compiling and evaluating the material in eachvol-
ume, the authors alsohave been confronted with the problem
of timeliness of data. It is anticipated that subsequent edi-
tions of each volume shall be published periodically, con-
Sistent with the dégree of technological advance in the status
of the art of boiling water reactors. Accordingly the atten-
tion of the reader 1is directed to the terminal date for
compilationof data which appear in the front matter of each
volume,

The writers wish to acknowledge the cooperation of
the leading commercial developers of boiling water nuclear
power plants - Allis-Chalmers Manufacturing Company,
General Electric Company, and General Nuclear Engineering
Company, - for providing technical details on their respec-
tive power plants. Grateful recognition is also given to
Mr. B. Dieter and members of the Technical Information
Division of Argonne National Laboratory in assisting the
Reactor Engineering Division staff in the final preparation
of these four volumes.

C. Victor Pearson
Editor
February 13, 1962
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Engineering Design _M% Jhrtis %@W
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VOLUME I
HEAT TRANSFER AND HYDRAULICS

by

P. A. Lottes, R. P. Anderson, B. M. Hoglund, J. F. Marchaterre,
M. Petrick, G. F. Popper, and R. J. Weatherhead

1. INTRODUCTION

The water -moderated and -cooled reactors, both pressurized and
boiling, have demonstrated performance characteristics which make them
attractive as possible producers of heat which can be converted to low
cost electrical power. An extensive research and development program
has been carried on under AEC sponsorship for the purpose of exploiting
this potential. An important part of the effort is an intensive research
program to obtain basic data on natural and forced circulation boiling
water reactor systems. The results of this work are also applicable in
many instances to pressurized water systems. However, the major amount
of data developed, analyzed, and discussed herein is concerned with the
boiling water reactor concept.

This section is divided into the following areas of discussion:

Heat Transfer

Two-Phase Density Studies

Two-Phase Pressure Drop

Critical Heat Flux and Burnout

Boiling Stability

Calculation Procedures for Boiling Systems

Thermal-Hydraulic Design Procedures for Boiling Water
Reactors

-~ O O b WDy

The information discussed represents primarily the work carried
on at Argonne National Laboratory. The presentation represents the opin-
ions of the authors as to the applicability of available data which can be
used for engineering applications.

No effort has been made to include all the available information on
any specific subject or area. However, where possible, references have
been made to the great amount of data available in published literature.
This additional information is obviously required by anyone interested in
making an intensive investigation on any of the subjects.
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2. HEAT TRANSFER

2.1. Basic Ideas and Concepts in Boiling Heat Transfer

The process of boiling is defined as the heat transfer of energy
to a liquid from a solid surface in contact with the liquid causing a change
in phase from liquid to vapor. The means by which energy is transferred
from a solid heat transfer surface to vapor is not easily understood. A few
facts about the process have been determined by experiment.

It is true that for an equilibrium condition, a change in phase
from liquid to vapor occurs at constant temperature. In forming a bubble
of vapor, the liquid~vapor interface is supposed to remain at a constant
temperature. In reality, the formation of a bubble takes place in a violent
manner and may be considered as a minor underwater explosion.

A force balance on a bubble shows that the vapor pressure
inside the bubble is greater than the liquid pressure outside the bubble. and
the difference in pressure, AP, is related to the liquid surface tension, 0,
and the bubble radius, r, according to the equation

AP = 20/r . (2.1)

As r approaches zero, the required pressure difference approaches infinity.
Since fluids have as one of their thermodynamic properties an increase in
boiling point with pressure, it nowbecomesnecessarytohavea "superheated"
liquid before boiling can occur. Assume, for example, that a bubble is
present with radius "r." For an equilibrium condition without heat transfer,
the bubble vapor temperature will be equal to the surrounding liquid tem-
perature. Due to surface tension, the bubble pressure will be higher than
the surrounding liquid pressure. For the bubble to exist at all, the vapor
temperature must be equal to or higher than the saturation temperature
corresponding to the bubble pressure. The liquid will therefore be at this
same temperature and will be at a temperature higher than the saturation
temperature corresponding to the liquid pressure. This state of the liquid
is referred to as liquid superheat.

The presence of liquid superheat has been demonstrated in the
laboratory. B. R. Mead{l) and others at UCLA measured liquid superheats
as high as 145°F at one atmosphere. Bubble pressures at the onset of
boiling could well have reached 145 psia.

The sudden explosive growth of bubbles in superheated liquid
causes a very high turbulence level in the liquid. It is this turbulence or
violent mixing and agitation of the liquid that accounts for the high heat
transfer rates. The effect of boiling from a heated solid surface is that
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the layers of liquid near the solid surface are disrupted by the mixing
action of the bubbles.(2) This in effect causes the bulk of the liquid to
move in next to solid surface. The over-all result is a very efficient
scouring action of the liquid upon the surface, causing a high heat trans-

fer coefficient.

There are several types of boiling heat transfer to be con-
sidered. These types may be classified as follows:

1. Local boiling, or surface boiling as it is sometimes
called, occurs when the hot solid surface is above the
ligquid saturation temperature, while the liquid is below
saturation temperature.

2. Net boiling, or nucleate boiling, occurs when the liquid
is at or above saturation temperature.

3. Film boiling occurs when the hot surface is completely
covered with a blanket of vapor, and the heat is trans-
ferred by conduction through and radiation across the
vapor blanket.

4. Transition boiling is a combination of 2 and 3 above.

Local boiling has the unique condition that there is no net for-
mation of vapor. The bubbles may or may not leave the hot surface. If
they do leave, they are very quickly condensed. Bubble lifetimes range
from a few microseconds to sever-
al seconds, depending on the amount
of subcooling in the liquid phase.
The higher the subcooling, the shorter
the lifetime.(3)

i FORCED HUCLEATE TRANSITION FILM
COMYECTION BOILING | BOILING f BOILING

Figure 2.1 shows the vari-
ous types of boiling that can occur.
It is also worthy to note that the
effect of velocity on boiling heat

fog, q"

transfer is negligible, even though
forced convection heat transfer

coefficients vary as the 0.8 power
of the liquid velocity, V. The rea-
son for the independence of boiling

- heat transfer coefficients from flow
loge ‘Tw Tut)
rate is due to the "turbulence pro-
Fig. 2.1 moter'" action of the bubbles. The

turbulence level is relatively unaf-
fected by flow rate and therefore
the heat transfer coefficient is relatively unaffected.

Boiling Regions
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It is also of interest to notice that (a) the temperature differ-
ences between surface and liquid are rather small for nucleate boiling and
(b) rather large for film boiling. The part of the curve of Fig. 2.1 that has
zero slope is the maximum point for nucleate boiling. It is this value
which is of greatest concern to designers in the boiling field. In a boiling
reactor, for example, this value is the maximum value that would occur
just before the element jumps into film boiling. The onset of film boiling
at a heat flux equal to the maximum in the nucleate boiling range almost
always means that the temperature of the solid surface will rise to the
melting point of the material. This condition is referred to as "burnout."

2.2 Boiling Heat Transfer Equations

In general, the evaluation of the heat transfer characteristics
during steady-state boiling in a reactor is not of great importance. The
reasons will be shown by an example in a later section of this chapter. It
is of interest to list at this point the various equations that may be used to
calculate boiling heat transfer, together with references for those who wish
to pursue the subject in detail.

(1) McAdams,(4) for pool boiling (saturated water):
n
a/A = 2 (Tw-Tsat) (2.2)
where q/A or q" is the heat flux in Btu/hr ft% where the value of a;
depends upon the liquid, surface condition, and pressure, while the value
of n ranges from 3 to 4.
(2) Rohsenow,(s) for pool boiling (saturated water):
0.33 1.7
S xl, [ AT (S2) (2.
f\ TR, -
By, sE\ IRy, 'V oglorpy) ke

where the values of Csf are as follows:

Fluid-heating surface Csf
Water~platinum 0.013
Benzene-chromium 0.010
Ethyl alcohol-chromium 0.0027
n-pentane-chromium 0.015
Water-brass 0.006

(3) Forster—Zuber,(é) pool boiling (saturated water):

0.24 0.75,~0.45 0.49; 0.79
. 0.0012 AT™** (P,-P)" "Cp ¥ rf ¥ki (2.4)
Goh5h0az4‘l 0329‘,“0.24

fg L P,




This form of the equation is presented and discussed by Perkins and
Westwater.(7 Comparisons are also given to the Rohsenow equation and
to experimental data with a boiling methanol system.

(4) Jens—Lottes,(s) subcooled boiling (subcooled water):

AT = 1.9 (q/A)025/¢P/900 (2.5)

for pressures of 100 to 2500 psia, water temperatures from 229 to 636°F,
mass flow rates from 0.008 (10)® to 7.7 (10)® Ib/hr ft?, and heat fluxes to
4 (10)® Btu/hr £t

(5) Mumm,(g) forced circulation of boiling saturated water inside

tubes:
hD v \l-64 A \0464 /G D
—& - 43450 (1074 & q—/- <—-—3> (2.6)

for pressures of 45 to 200 psia, heat fluxes from 50,000 to 250,000 Btu/hr ftz,
and mass flow rates from 70 to 280 1b/hr ft.

(6) Bromley,(lo) film boiling:
5 o 0.25
ko, (p1-04) hfg

H Do AT

h = 0.62 (2.7)

In addition to the above heat transfer equations there are a num-
ber of burnout equations in the literature for various types of heated
channels. McAdams'?) summarizes and discusses the equations. It is suffi-
cient at this time to mention that the range of heat flux for burnout under
most design conditions is from 500,000 to 1,500,000 Btu/hr {t%,

The calculation of temperature drop during boiling in a nuclear
reactor is of secondary importance. The accurate evaluation of heat trans-
fer coefficients in evaporator-condenser units may also be unnecessary. An
example will illustrate the two cases.

Case I - Boiling Reactor Heat Transfer

Let us suppose that it is desired to evaluate the fuel plate sur-
face temperature at design conditions such that system pressure is 600 psia
and average heat flux is 100,000 Btu/hr ft.

Using Eq. (2.5) the film drop is calculated to be 17°F. Since the
film drop is proportional to the 0.25 power of the heat flux, we may note that

even if the heat flux were as high as 1,000,000 Btu/hr ftz, the film drop under

these conditions would only be AT = 17(10)%2° = 30°F.
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Accordingly, the surface temperature at 100,000 Btu;’;hr ft*

would be Ty, = T, +17 = 503°F, while the surface temperature at
1,000,000 Btu/hr ft2 would be T = Tgg¢ + 30 = 516°F. It is evident,
therefore, that in a system where heat flux is the independent variable the
calculation of surface temperature does not require great accuracy.
Equation (2.5) is recommended for general use, since it can be evaluated
quite easily. Figure 2.2 shows a comparison of Egs. (2.3), (2.4), and (2.5)
at 600 psia.

I
s\ \

)

/)
/i

—
\
40 FORSTER & ZUBER N \
ROHSENOW  (Cgp = 0,019) N
= JENS & LOTTES \\:
50 ] | ) | I | | i ]
104 105 106

HEAT FLUX g Btu/hr f12

Fig. 2.2

Comparison of Boiling Heat Transfer Equations at 600 psia

Referring to the same temperature drops listed on preceding
page, it is important to notice that in a system where temperature is the
controlled variable, an increase in surface temperature from 503°F to
516°F will cause an increase in heat flux by a factor of 10. This increase
may not occur if there are other resistances to heat flow in the system.
The following example will show these effects.

Case II - Evaporator-Condenser Heat Transfer

In this case, we are faced with determining the size of an
exchanger to transfer a given or predetermined amount of power. Unlike
the reactor where power was an independent variable, we now have the
over-all temperature difference as the independent variable. For this
case, we may write a heat balance on the element of heat exchanger
surface such as is shown in Fig. 2.3.
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Steam

Fig. 2.3

Temperature Gradient through Heat
Exchanger Tube

Ignoring scale resistances to heat flow for this example, and
assuming that the inner and outer tube areas are very nearly equal, we
may write

a/A = h(T;-T,) = (k/Ax) (T,-Ts) = hy(Ts-T,) (2.8)

where T; is the steam condensing temperature, T, the outer tube wall
temperature, T; the inner tube wall temperature, T, the boiling fluid
temperature, and x the tube wall thickness. Rearranging the above
equation and solving for the required area (for this example, it is suffi-
cient to neglect the tube curvature),

1 hx 1 q
As|— 2.
l:h k hbil(Tl—T4) (2.9)

C

Suppose it is given that (T,- T,) is 50°F and that the over-all
power or heat transfer, q, is 50,000,000 Btu/"hr. We must now evaluate

A to determine the size or capacity of a heat exchanger that will perform
the required job. We are faced with the problem of selecting an exchanger
that is adequate, but not oversized by too greatan amount. It may be noticed
from Eq. (2.9) that a given per cent error in the bracket term will cause
the same per cent error in A. Now, let us select an example to show the
relative size of these errors.
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Let: he = 5000 Btu/hr ft?,
30 Btu/hr it °F,
Ax = 5z in. = 0.0052 ft,
600 psia.

s
1

U
i

Let us first assume that hy, = 5000 Btu/hr ft? °F.

6
A:[ 1, 0.0052 1 }50(10) 573 g2

5000 30 5000 50

From Eq. (2.5) and from the definition of hy,

0.75 ,P/900
hb:__q_:(’_a_ E__/___ (2.10)
AAT "\ A 1.9
Combining Eq. (2.9) and (2.10),
1 Ax 1.9 A0.75 q
As|—+—/—+ . (2.11)
[hc k7 (q)0-75 ¢B/900 | Ty~ Ty

Solving this by trial and error, the correct value of A is 551 ft2.

The correct value of hp is 5,370 Btu/hr ft? °F, the correct
(T3~ T,4) is 16.9°F and the average heat flux is 90,600 Btu/hr ft2. Our first
calculation based on hy = 5000 gave a value of (T; - T,) equal to 16.7°F
Our error in boiling coefficient was

5370 - 5000
5370

x 100 = 6.9%

The error in (T3 - Ty) was

16.9~-16.7 B
16.9 x 100 =1.2%
However, the error in the area was small:

573 ~ 551

1 =
551 x 100% = 4%

The error in area is directly related to the error in boiling
coefficient from Eq. (2.9). Assuming no scale resistance,

1 q
dA = d[ — |2,
<hb)(Tl-T4)




or

Assume, for example,

1
7= 0.0002 (h¢ = 5000 Btu/hr {t? F)
C

AX _ ~: k _ 2 \
== 0.0002@\ Ao = 5000 Btu/hr ft F; ,
1
Ty = 0.0001 (hy = 10,000 Btu/hr ft?F)
Since
ﬂ /dh
df__l_.\: - ,.]L_f___b ,
\bp /™ Dbpl by
then
[ dhy ) dhy
da ( hp B hp
A 1 Ax 1\ 10,000 (0.0002 + 0.0002 + 0.0001)
hy [ =— + ==+ =
he k| hy

The error in the area determination is only 20% of the error in the boiling
heat transfer coefficient.

If a scale resistance of 0.001 (h = 1000) is included on both
sides of the heat exchanger tube, the errors are still less, and may be shown
to be
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2.3 Fuel Element Heat Transfer

Case 1 - Fuel Plate

The heat transfer from the clad surface to the coolant has
already been described in the previous section.

{ 1/2 fuel plate}
B e e

thickness

\t

S
?

i
o
&
aQ
o
[aN

The temperature drop in
the cladding is (see Fig. 2.4)

Tl - TZ = q" (XZ - XI)//kcla‘d . (")' 12')

For uniform heat generation

7
Tg \\\ 4
/ Coolant in the fuel and constant thermal
/ Stream conductivity, the fuel temperature
/ drop is
TJ_// T T, = g (x /.
7, @; - 179 (}*l)/ Zkfuel : (‘Z' 13)

It may be noticed that the
temperature distribution through
the fuel is parabolic and that the
temperature difference is exactly
one-half of the value obtained for

Fig. 2.4

Temperature Gradient in
Plate-~type Fuel Element

the case where all of the heat gen-
erated is passed through a slab of
equal thickness.

In the case of variable
thermal conductivity, the tempera-

ture difference can be found as follows from Fig. 2.5:

) unit area

e

P 4

g

| -
X 4+ dx

Fig. 2.5

Element of Fuel Plate




i A g™ Adx = gj A

kA ) s+ Ean)a(dt +q"Adx = 0
dx dx dx
X x+dx

Dividing by Adx and rearranging

), &)] .

dt
+_._<___> +qm =0 ,
dx dx dxx_!_dX

or

a’  dk (a4t
— = — g =
kd:x;’Z dx ( dx ) E 0

This is identical to

a /. dt
— k= l4+qg" =0
dx( dx> d

For a constant value of q", Eq. (2.18) may be integrated to give

¢ x
dt
d kR PR "
0 0

where
dt
¢ = ka‘;{
Then
.q_i_:.. - 11}
kd:x; 1x ’
or

Thus for constant k

2

k(Tl - TCI:_,>: _qmizl_ ,

(2.14)

(2.18)

(2.19)

(2.20)

(2.21)

(2.22)
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or

Tg - T1 = q" <3/2k . (2.23)
For steady state,

q" = (g") Area/Volume = q" A/Axl = q"/x;, . (2.24)
Equaticon (2.23) becomes identical to Eq. (2.13)

Tg - T = q" x;/2k (2.23a)
For variable k, we can usually approximate k by the expression

k =a+bT . (2.25)

Then Eq. (2.21) becomes

T X
(a + bT) dT = - g" xdx (2.26)
. T(_fa 0

or
2
alT,-T +— | T2- T2 )- -qM — (2 27)
17 +q 1-lg > , 2
or
Te - T blpz 2. “'ﬁ (2.28)
a Q“ i +Z @J_ i = q 2 N B
so that

2 m 2
(T@ - T1> = -<T1 + %) i\/<T1 +%> + qul . (2.29)

Equation (2.13) is generally used, since the effect of a variable
k 1s not very great, as shown by the following example.

Example
q" = 5(10)7 Btu/hr f£t3
x = 0.12in. = 0.01 ft
T, = 500°F
k = 10 + 0.01 T Btu/hr-ft-°F



http://becom.es

The heat flux is
q" = q"x = 5(10)7 (0.01) = 500,000 Btu/hr ft?

From Eq. (2.29), with a = 10 Btu/hr-ft-°F and b = 0.01 Btu/hr it (°F)?,

(T@ - T1> = - (500 + 1000) £ 1%1500)2 + 5(10?5?01)2 = 160°F

If we approximate this case by assuming an average k over the
interval, say kagyg = 15 Btu/hr-ft-°F, then from Eq. (2.13)

_ (500,000)(0.01) _ o
(T@- TI) = >(15) = 167°F

Therefore in flat plate elements, it is sufficient to assume

constant properties for metallic fuels.
Case 2 - Fuel Rods
A heat balance on the element in Fig 2.6 gives

qy + g™ (Volume) = a;

/
I +dr

Fig. 2.6
Element of Fuel Rod

Then

.
L () 4 qmeLdr = - |k + 5N g (¢ +ar) oL (L2
dr dr dr

by r 4+ dr

(2.30)
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Rearranging, dividing by rfLdr, and neglecting second-order differentials,

k dt dt k /dt dk\ /dt _—
dr (EZ) B (dr) * ?(dr) * <dr> (dr) tq" =0
r +dr T r +dr r +dr

(2.31)
This may be written (as dr —=0):
d*  kadt <dk> <dt)
— t+=-— t+| =) {—] tqg'" =0 2.32
et T T\ \e T (2.32)
Another, more useful form of Eq. (2.32) is
1 d dt
- = —) + g = 2.33
r dr (kr dr) d 0 ( )
Rearranging and integrating,
¢ T
f d <kr %-E) = -f q" rdr (2.34)
0 0
where
dt
@) = kr -(‘I;
Thus
dt q™ 2
kr — = = 2.35
r 5 (2.35)
Rearranging again and integrating,
To Tp
i
f kdt = mf 9" rdr (2.36)
T o 2
€
T
" .2
f @‘kdt =4 4r° : (2.37)
To
It is interesting to note that the heat generation per unit length
of rod is
Q _ q"mriL _ 2
_I_: = T 0 - qm mrY

(2.38)




The right-hand side of Eq. (2.37) multiplied by 4m will give the
heat released per unit rod length.

Although thermal conductivities of oxide fuels are difficult to
determine accurately, Eq. (2.37) gives a convenient way of comparing
experimental test data on rods of various diameters, enrichment, and
composition. J A. L. Robertson(“) et al. show that satisfactory perform-
ance without melting was achieved with oxide fuel provided that

[kdt =39 watts/cm

Oxide fuels appear to have conductivities that obey the 1aw(12)

k = d4/T +460

where T is in °F and where T + 460 is degrees absolute, and where d is a
constant. An example is given: Find the maximum heat generation rate
and heat flux that will produce a centerline temperature of 4000°F

(Tg = 4000°F) for the following conditions:

ro = 0.24 in. = 0.02 {t

T, = 700°F
L o 3300
T + 460

From Eq (2.37)

4000
4 3300 4(3300) 4460 7 3
o~ ———ldt = 1 = 4.45(10)' Btu/hr ft
9 rl (T + 460> (0.02) 2 n(1160> (10" Bte/be
700

The heat flux is

0.02)

i} 11t 2
q" (Volume) _ g"mrgl _ qm% = 4_45(10)7(

(Area) 27r oL

i -

= 445,000 Btu/hr-ft

The errors introduced in assuming a constant value of k can be
shown as follows® Assume k = 1.17 Btu/hr ft F (value at 2350°F) and from

Eq. (2.37),

4000

g = 2 1.17 4T = £(1.17)(3300) 3.86(10)7 Btu/hr ft?

rg (0.02)%
700

23
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and

q" = 3.86(10)7£0—°20i) = 386,000 Btu/hr ft?

which is a per cent decrease of

445,000 - 386,000 _ o
245000 x 100% = 13%

Conversely, if we assume a heat flux of 445,000 Btu/hr ft% and
calculate the centerline temperature by using a constant k value,

4.45(10)7 (0.02)?
= = 700 + 0 = 4500°F
Tg = 700+ S0 7 380 5

which is in error by 500°F.

2

2.4 Steam Heat Transfer

1. Saturated Steam

Heat transfer coefficients to flowing saturated steam are
low compared to boiling coefficients, but not very much lower than the

coefficients to flowing water when compared at the same mass flow rate.
For either water or steam, we may write

0.8 /C U\0- 4
ED - 0,023 (G_D> (_P>

" ” (2.39)
Rearranging,
GO,S Cg4k0a6 ( )
h = 0.023 ' 2.40
Do-2 0.4

The ratio of the heat transfer coefficient for water and steam
is therefore

[~ 0.4 ]
() o
h o
steam . e Jdsteam (2.41)
hoater c \%4 h
<___E) 10-6
- Jwater

A comparison is given in Fig. 2.7. The minimum ratio is about
0.3 and this ratio occurs at a temperature of about 320°F.




at. steam
water

hs t
hsat.

25

1.0

7rl§;

[ 1

o

©

[

[
—_
=g
P =23

©

©
/%‘p\/
Zls

=

0.9 |

0.3 f— _—/

0.2

0.1 [~

200 300 ueo 500 600 700
SATURATION TEMPERATURE, °F

Fig. 2.7

Comparison of Steam and Water as Coolants

2. Superheated Steam

Equation (2.39) may be used to calculate the heat transfer

coefficients for superheated steam. Rearranging Eq. (2.39) or Eq. (2.40),

B = {k)

h = 0.023(G"%/D%%) ¢ (2.42)
where
0.7 /
C \0-4
b 0.6
d=\—] k (2.43)
e
0.6 -
F/g\s This function is shownin Fig. 2.8. The
s % values givenare approximate and should
0.8 § = not be used for designequations. Fig-
A ure 2.8 is given to show the trendin the
heat transfer coefficient with tempera-
0.4 \\\\\ ture and pressure.
Q7
: > ‘\§ O Fig. 2.8
0.3

600 800 1000 2000 Effect of Pressure and Temperature
TEMPERATURE, °F
’ on Steam Heat Transfer
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3. TWO-PHASE DENSITY STUDIES

3.1. Introduction

The ability to predict accurately the steam volume fractions in
boiling systems is a prerequisite for a competent evaluation of the per-
formance characteristics of such systems. This is especially true in boil-
ing water reactors where the nuclear aspects are intimately interrelated
to the two-phase flow characteristics of the system. The reactor recircu-
lation rate, coolant-moderator density, core neutron kinetics, and reactor
stability are all dependent upon the steam volume fraction,

Because of the complexity of the boiling process, the prediction
of the density of steam-water mixture is of necessity almost completely
empirical. As a result, considerable effort has been expended during the
past few years by a number of investigators on the experimental measure-
ment of steam volume fractions. Some of the pertinent information derived
from these studies is described briefly.

Martinelli §_§§._l.(13) obtained liquid-holdup data at atmospheric
pressure and correlated this data as a function of quality and a physical
property parameter, x¢t. They also extrapolated their atmospheric pres-
sure correlation to regions of higher pressure. Dengler(l4) reported
measurements of steam volume fractions at atmospheric pressure, using a
radioactive tracer in the water for volume fraction measurements. Data
were correlated using the Martinelli x¢t parameter. Isbin et a_10(15‘18) ob-
tained volume fraction data for both horizontal and vertical flow over a wide
pressure range and found that the velocity ratios were a function of mixture
quality as well as pressure.

Lottes and Flinng(lg) Cookg(zo) Petrickg(ZI) Richardson(zz) and
Marchaterre(l4) have reported results from studies at ANL with air-water
systems and steam-water systems. The superficial velocity and quality
were found to affect the velocity ratio; significant differences between hor-
izontal and vertical flow were also found.

Egen, Dingee and Chastain(31) have reported results from nar-
row rectangular channels at 2000 psi. The volume fractions were found to
be heat-flux dependent well into the net quality region. The velocity ratio
was independent of quality and of velocity over the range of variables
tested. Hughes(23) presented volume fraction measurements obtained from
large equivalent-diameter adiabatic systems at 1200, 1400, 1800, and
2400 psia. The velocity ratio and velocity difference were shown to be a
function of the flow rate and quality. Recently Asyee(24) has reported re-
sults for a cosine-heated annulus over a considerable pressure range. He
also found velccity ratios to be a function of pressure, quality and circula-
tion velocity. Schwartz(25) conducted investigations in horizontal and
vertical boiler tubes and observed that the volume fractions were different
for the two cases.




Other investigations have been performed and the work is dis-

cussed in several extensive literature surveys on the subject of two-phase
flow.(26,16,27,22)

The 600 psia multichannel boiler was built to get design infor-
mation on power vs steam volume fraction for EBWR. The 600 psia single
channel boiler was built to obtain information on slip ratios and boiling
pressure drop. The results from these systems are shown in various fig-
ures throughout the discussion.

Since EBWR has been placed into operation, the experimental
program has been directed toward obtaining more refined basic data on
relative velocity of steam-water mixtures, two-phase friction factors, and
hydrodynamic stability during boiling. This information is required for the
design of large scale central station boiling reactors. Following is a de-
scription of the more recent data that have been taken.

3.2. Relative Velocity of Steam Water Mixtures

From a mass balance at a plane perpendicular to the flow of a
steam water mixture, it may be shown that slip ratio,

v ’ C - o
g:< x )51 ou> : (5.1)

V¢ l -x/\ « Pg

The importance of this Vg/Vf is that power generation for a
given value of 0, is proportional to x. The above equation shows that x
increases as Vg/Vf increases. Vg/Vf must therefcre be known to evaluate
power generation in a boiling reactor.

There are presently many ways of calculating Vg/Vf and many
ways of interpreting experimental information on this subject. The bibliog-
raphy lists references on the subject of slip ratio. Additional equations re-
lating the variables of interest are

QT = pr A Vo [Cp(Tg- T3) + xhsg] (3.2)
7
x Pf 1 - x
Vg—”Vf—Vo['O—L'Eg-- I o ! (3.3)

These equations show that Vg - Vg, Vg, x, Qp, etc., are all in-
terrelated. The correct interpretation of data and the selection of the prop-
er variables are presently matters of personal preference. Figures 3.1,
3.2, and 3.3 show several ways of presenting the information. Figure 3.1
shows slip ratio as a function of inlet velocity. There is a separation with
power density. Figure 3.2 shows slip ratios as a function of quality with
pressure as a parameter,
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Slip Ratio vs Inlet Velocity for a
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Figure 3.3 represents the authors' opinion of best available
estimates of Vg;fo shown as functions of mass flow rate and pressure.
This form of showing the information was selected since it is very con-
venient for calculating reactor performance.

3.3. Methods of Measurement

In an analysis of a natural circulation system it is necessary to
evaluate the effect of a sudden change of flow area (such as an expansion or
a contraction) on the two-phase fluid density. It was difficult to predict
these changes utilizing information previously available. Therefore, an ex-
perimental program was undertaken to provide adequate information on the
effect of flow area changes on the two-phase fluid density and to explore
further the factors which cffect the relative velocity of the two phases.

] A number of experimental sys-
Yoo meisung  C€INS have been used for studying the
PHEGUIPVENT relative velocity of the phases in two-
phase mixtures. Data were taken in
both horizontal and vertical flow air-
water systems, a 600-psi single-
channel boiler, a 600-psi multichannel
boiler, and a 2000-psi single-channel
boiler.

The apparatus used for the ver-
tical up-flow air-water studies is shown
in Fig. 3.4. Air and demineralized
water were mixed ina mixing section and
the mixture then passed upwards
through the test section. Five test sec-
tions of 4-ft length and 2-in. width with
spacings of %, %, %, %, and | in. were
constructed from Lucite to allow visual
observations and photographic studies.

t

A schematic diagram of a rep-
resentative boiling loop is illustrated
in Fig. 3.5. Tests were run with both

Fig. 3.4 natural and forced circulation. Boiling
Atmospheric Air-Water System took place in the active test section and
111-5636-A the two-phase mixture flowed upwards

through a riser section. Steam was
separated at the steam-water interface and discharged to a condenser. The
water returned through a crossover, where makeup water was added, and
flowed down the downcomer to the test section inlet.
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Steam volume fractions were measured by a gamma-attenuation
technique. The equipment and instrumentation consisted basically of a
Tm!” gamma source, a scintillation-crystal photomultiplier-tube arrange-
ment, amplifier, differential analyzer, count rate meter and recorder. The
attenuation of the gamma beam passing through the steam-water mixture
was measured and calibrated against the attenuation observed when the sec~
tion was full of water and when it was full of steam.

Several methods of measuring the density of a two~-phase mix-
ture were considered before a final selection was made. Two types of
mixtures required measurement: steam-water and air-water. These mix-
tures were to be enclosed in heavy wall steel containers designed to
operate at 2500 psig.

Some of the properties of these mixtures which might be a
function of their density include:

(1) Absorption or velocity of vibration energy;

(2) electrical or magnetic effects such as:
(a) dielectric constant
(b) resistivity
(c) permeability;




(3) absorption of particles such as:
(a) neutrons

(b) alpha
(c) beta
(d) gamma;

(4) absorption of radiant energy.

The above properties were studied and evaluated as described
below.

1. Absorption or Velocity of Vibration Energy

In the sonic range of frequencies the geometry and acousti-
cal characteristics of the heat transfer apparatus would not permit precise
measurements of low frequency acoustical energy absorption or velocity.

In the ultrasonic range of frequencies the absorption and
scattering phenomena in the water, caused by the liquid-vapor or liquid-gas
interfaces existing under boiling conditions, would make it extremely dif-
ficult to distinguish absorption or phase differences caused by finite velocity
of propagation, from reflecting and scattering.

In both frequency ranges variations in absorption or velocity
caused by water temperature and pressure changes also complicate the prob-

lem. Pressure waves might also affect the boiling phenomena.

2. Electrical or Magnetic Effects

The relatively high electrical conductance of the container
in which the two-phase mixture is flowing and the necessity of making local
density measurements were incompatible in utilizing electrical effects. The
relatively high permeability of the container would make it difficult to obtain
strong magnetic fields in the mixture and would completely mask the small
permeability changes taking place in the mixture.

3. Particle Absorption

Measurement of absorption by the two-phase mixture of
alpha or beta particles or neutrons is another possibility. Because of the
heavy walls surrounding the mixture, alpha particles and all but the high-
est energy beta particles cannot be used. High energy beta particles would
be useable, but a complex calibration procedure would be required at every
point a density measurement is desired as the nature of absorption would
be determined by the quantity of structural material between the source and
the detector. Neutrons can also be used for density measurements. It is
felt, however, that a radiant energy system would be simpler in nature
for pipe walls up to one inch in thickness because of the more complex
detection system needed when using neutrons.(26)
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4. Radiant Energy Absorption

Various wave length regions of the radiant energy system
were studied. The micro-wave, infra-red, ultra-violet and visible regions
were eliminated because of the tendency of the heat transfer facility to
absorb these radiations prior to transmission through the two-phase mix-
ture zone.

Gamma and X-rays show the most promise for the meas-
urement of a two-phase mixture density by a radiant-energy absorption
system.

Commercial X-ray generators can produce high intensity
radiation with the proper energy for density measurements. However, a
more complex and expensive system is required as compared to a system
using a radioactive source.

Radiocactive material contained within the water was also
considered. This system can be used when an isotope which is soluble in
water and which has the proper energy spectrum is available. There are
several objections to this system, including:

(1) Lack of precise knowledge of the effect of iso-
topic content of the water on the heat transfer
characteristics,

(2) Personnel hazard in storing and handling radio-
active water,

(3) Deposition of radioactive material in stagnant or
inaccessible areas of the heat transfer loop.

Radioactive material located externally to the channel or
container in which the two-phase mixture is located proved to be the most
practical system. Sources with low energy gamma rays are available so
that satisfactory density measurement is practical. However, a mono-
energetic source is needed or one must be able to select only one energy
level if a source with more than one energy peak is used.

After a consideration of the above properties and the phys-
ical construction of the heat transfer facility, the radiant energy absorption
property had the most promise of success. With this in mind, a system was
developed at Argonne utilizing a radioactive source external to the container
of the two-phase mixture. The system consists of a Thulium-170 source, a
scintillation crystal-photomultiplier tube assembly, a current amplifier, and
a recorder. This system measures the steam void fraction from which the
two-phase mixture density can be calculated,




The gamma attenuation measurement technique has been
described in detail by Petrick(28) and by Hooker and Popper.(29) Fig-
ure 3.6 shows the source and photomultiplier-tube arrangement in place on

a test section.

Fig. 3.6

Source and Photomultiplier Tube Arrangement for Density Studies
111-7612

3.4, Correlation of Data

In the analysis of experimental data several choices of depend-
ent variable for correlation can be made. The steam volume fraction can
be correlated directly as a function of the various parameters or may be
reduced to phase velocities. A correlation of the steam volume fraction vs
system parameters is perhaps the easiest to use but has the objectionable
feature that extrapoclation is difficult and may be misleading. For example,
Martinelli's data, which was presented in this manner, predicts steam vol-
ume fractions that do not occur in vertical upflow systems, i.e., the steam
velocity is less than the water velocity.

A more useful parameter is obtained by using an expression in-
volving the velocity of each phase. The parameters most frequently used
are the phase velocity difference, defined in Eq. {3.3) and repeated here:

x Pf 1-x
Vg - Vi = Vy |— — - == ) (3.4)
e by 1 -w
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and the velocity ratio defined in Eq. (3.1) and repeated here:

e o (E) (Leey L
Vg/vf_<l-x)<&>,og

(3.5)

These parameters have the advantage that they are more sensitive to the
variation in other variables such as superficial velocity and quality. Also

! ——
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Fig, 3.7

Variation of Local Phase Velocities,

Velocity Ratio, and Velocity Differ-

ence for a Typical Boiling Run
111-77

they have the additional advan-
tage that they are more basic
parameters, and, using them,
arguments concerning postulated
mechanisms can be made more
readily. Since the velocity ratio
is the more convenient term, it
was chosen for correlation. It
is recognized that this ratio
represents a mean velocity for
each phase and it is not neces~-
sarily the correct velocitly to be
used in momentum and kinetic
energy terms.

It is of interest to see
how the phase velocities vary
in a typical boiling channel.
Figure 3.7 shows the variation
of the liquid velocity, steam

velocity, velocity ratio, and velocity difference for an experimental
run in a %XZ x 60 in. rectangular channel. It can be seen that both the
relative velocity and the velocity ratic vary markedly with channel length

and hence mixture quality.

The data of four experimental systems have been used in
developing the correlations. Extensive data were taken on air-water sys-
tems to establish the effects of the various parameters at atmospheric
pressure. Additional volume fraction measurements of steam-water mix-
tures were made on —i—xZ, %XZ and -17—6x4 in. rectangular channels in boil-
ing, and l-in. and 2-in. circular channels under adiabatic flow, conditions
to extend the range of variables such as pressure, quality, etc.

3.5, Experimental Results

1. Air-Water Tests

Tests were run in both horizontal and vertical flow with
atmospheric air-water systems. These results have been reported by
Petrick(30) and Richardson.(22) Since the tests indicated significant




differences between horizontal and vertical flows, only the vertical flow
tests will be considered here.

Figure 3.8 shows representative data for the velocity ratio
as a function of the superficial velocity at a constant quality. The data show
the relative velocity of the two
phases is a function of both the
water velocity and quality. The
slope of the quality parameters
3.0 — changed only slightly over the range
of qualities studied. The studies
also indicated that geometrical

=

::, &0 arrangements may affect the phase
5 velocities because of changing flow
= X+0.0068 patterns, but that this effect is

= small.

> Lo

Studies were made of the

f distribution of the air phase in the
10 water by traversing the channel
with a narrow gamma beam. These
data showed that the distribution of

Fig. 3.8 . .
8 the air phase in the water was par-
Representative Results abolic in nature, but that the ratio
from Air- Water Studies of “ax 7 avg Which characterizes

the distribution varied at random.

The results of these studies were used as a guide in ana-
lyzing the steam-water data at higher pressures.

2. Steam Volume Fraction Data

The steam-water volume fraction data were analyzed,
using the air-water results as a guide. When the slip ratios were plotted
as a function of the same parameters, similar effects of flow rate, quality,
pressure and geometrical arrangement were observed (see Figs. 3.8 to

3.19).

The data shown are typical of the great quantity of data
accumulated during the past few years on a number of experimental loops.
It can be seen that each of the parameters by itself does not affect the
velocity ratio greatly; however, several such parameters in combination
could produce a substantial effect. It is possible, therefore, that the dii-
ferences in results reported in the literature by the various investigators
are not due as much to differences in experimental technique as they are
to the aforementioned effects. Effects of this type can be found only if ex-
perimental measurements are such that the velocity ratios can be calcu-
lated to within $10%, which is extremely difficult experimentally.
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As an example, effects of channel geometry have not been
clearly established. Figure 3.9 shows a representative difference between
data taken on a 2-in. diameter circular channel and data taken on a 0.622-in.
diameter circular channel, This is a representative trend but the effect
has not been noted in all cases.

0 De=2"Vox 22 ft/sec l
® Dp 20622, Vg~ 28 fi/sec 1

oot ooz Q03 04 Q05 oo 007 G0B 009
GUALITY. X

Fig. 3.9

Effect of Geometry on
Velocity Ratio at 600 psig

Since the effect cannot be predicted on the basis of present
data, it has not been included in the data correlation.

3. Quality Effects

The effect of quality on the slip ratioc is shown in Figs. 3.9
to 3.15. The data encompass a superficial water velocity range from
1.4 to 2.5 ft/sec (the average velocity of approximately 2 ft/sec), a pres-
sure range from 150 to 1500 psi, and a flow channel equivalent diameter
range from 0.44 to 2 in. These parameters are indicated on the figures.
The lines drawn through the data represent a least squares fit of a first
degree polynomial. It can be seen that the slopes of the lines, and hence
effect of quality on the slip ratio, decrease with the pressure for the range
of variables specified. Data of other investigators were analyzed in an
analogous manner to obtain a comparison. These data are plotted in
Fig. 3.16,and, as can be seen, tend to check the ANL data. The quality
effects on the slip ratio also appears to diminish with increasing mass
velocity. This has been observed in recent data obtained in the higher
mass velocity range. However, sufficient data have not been accumulated
to quantitatively establish the magnitude of effect. It appears that a family
of curves of the type shown in Fig. 3.16 may be obtained.
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4. Mass Velocity Effect

The magnitude of velocity effect on the slip ratio is illus-
trated in Figs. 3.10, 3.15 and 3.17 for a steam-water system and in Fig. 3.8
for an air-water system.

It can be seen that the slip ratio shows the same depend-
ency on the superficial velocity for both systems. As the superficial
velocity increases, the slip ratio decreases. The magnitude of the velocity
effect appears to decrease with decreasing quality and increasing pressure.
From Figs. 3.10 and 3.15 it can be seen that for a constant quality of the
slope of the ng/Vf vs Vy line decreases with increasing pressure. It is in-
teresting to note, however, that the velocity effect is greater at 150 psi than
that observed at atmospheric pressure (See Figs. 3.8 and 3.17). This ap-
parent incompatibility is probably due to the quality effect. Extrapolation
of the quality range of the air-water data to coincide with the quality range
of the steam-water data would make the velocity effect greater than that
observed at 150 psi.
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The decrease in the velocity effect with decreasing quality
can be seen in the data from ANL for 150 psi (Fig. 3.10) and from the data
of Hughes(23) at 1200 psi (Fig. 3.15). The slopes of the slip ratio-quality
lines increase with decreasing velocity. Thus at low mixture qualities
there is very little effect of the mass flow rate on the slip ratio, whereas

in the higher quality range the velocity effect is substantial.

It appears

that the mass velocity effect also decreases with pressure (see Figs. 3.10

and 3.15).

5. Pressure Effects

As expected, the slip ratio decreases with increasing pres-

sure; this is illustrated in Fig. 3.18.

The lines shown represent a least

square fit of the data at pressures of 150, 200, 600, 1000 and 1500 psi at
approximately the same superficial velocity and in similarly sized chan-

nels.

The dashed line shown represents a series of data points obtained

from a l-in. pipe at 1500 psig, whereas the solid line at the same pressure
No conclusive explanation can be

represents data taken from a 2-in. pipe.

given for the inconsistencies between the two sets of data.

However, the

velocity measurements for the l-in. pipe were subject to question due to

probable errors in the venturi measurement.

This in turn would be re-

flected in the calculated slip ratio through the mixture quality. A new
venturi was installed prior to running the several series of data points in

the 2-in. pipe.
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The pressure effect on the slip ratio is perhaps more
vividly demonstrated in Fig. 3.19 for constant parameters of velocity
(Vo =1-3 ft/isec) and quality (x =0,05). Data of other investigators at the
higher pressures are also compared with the ANL data and, as can be seen,
the data check quite well. The extrapolation into the very high pressure
range as indicated in the figure was based on the variation of the density
difference of the two phases. The density difference is a measure of the
buoyancy force which is a factor affecting the relative velocity of the two
phases. The data of Hughes(2-3) and Egen et gl_.,(?’l) which are shown on
Fig. 3.19, were also used as a guide; however, their data are subject to
question. The data of Hughes may be in error since only centerline void
measurements were taken and multiplied by a constant ya/@ave to
obtain the average voids at any cross section. Data taken at ANL(30) have
indicated that this multiplier varied considerably. The data of Egen et al.
were obtained from a very narrow rectangular channel (0.1 x1 in.) and, as
a result, the low slip ratio may be due to the geometrical effect as pointed
out previously. Also, it should be noted that the accuracy of void measure-
ments tends to decrease with increasing pressure, especially for small-
width channels.
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Velocity Ratio as a Function of Pressure;
Vo =1 to 3 ft,/sec and x~ 0.05

Curves using this method of extrapolation have been drawn
and are presented in Fig. 3.23 for pressures of 1000, 1500 and 2000 psia.
Extrapolation beyond these quality ranges should probably not be made on
a linear basis, since there are indications that over a wide quality range
slip is not a linear function of quality.

6. Working Curves for the Prediction of Steam Volume
Fractions

Working curves for predicting slip ratios at any pressure
can be made by extrapolating the data presented. Initially, working curves
were prepared at 150, 250, and 600 psig by smoothing the velocity ratio
data with respect to quality and velocity at each of the pressures. These
curves represent an attempt to get the best smooth fit of the data at cach
pressure and are shown in Figs. 3.20, 3.21 and 3.22. Comparisons of the
working curves with actual data at 600 psig and various qualities are
shown in Figs. 3.25 to 3.27. Also, an error plot of all the ANL data at
600 psi is shown in Fig. 3.24, which serves to demonstrate the accuracy
of the working curve.
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Fig. 3.20

Working Curve for Prediction of Velocity Ratios at 150 psig
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Fig. 3.21

Working Curve for Prediction of Velocity Ratios at 250 psig
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Velocity Ratio as a Function of Superficial
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The 600-psig working curve (Fig. 3.22) and Fig. 3.19,

which gives the variation of the velocity ratio as a function of pressure at

= 0.05 and Vo = 2 ft/sec can be used as a basis for predicting velocity
ratios at the high pressures. From Fig. 3.19 the slip ratio is obtained at
any pressure for x =0.05 and Vy= 2 ft/sec. This value represents the in-
tercept of a velocity ratio-quality curve at these conditions. The slope of
the curve can then be estimated from Fig. 3.16. The slope of the velocity
effect can be assumed to vary with the density difference (pf Pg ) and can
be extrapolated from the 600-psig data. Since the slopes are qulte small
(<10.25), a linear approximation may be adequate. Using extrapolated
slopes for several qualities and the derived slip ratio-quality curve, a
working curve at the pressure of interest can be drawn. An alternate,
simpler method of drawing working curves would be possible if sufficient
data were available to establish a family of curves of the type shown in
Fig. 3.16.

7. Steam Volume Fractions in Subcooled Boiling

Steam volume fractions have been measured locally in
1

the subcooled boiling region in 4 x 2-in. and 71?: x 2-in. vertical channels.
The volume fraction was found to be a function of the bulk water tempera-
ture, velocity, heat flux, pressure and channel dimensions. The effects of
heat flux and velocity in a i-in. rectangular channel are shown in Figs 3.28
and 3.29. It can be seen that the steam volume fraction is dependent upon
heat flux well into the net quality region. Because of this effect the data
have been plotted as a function of x + 0.02 to give a continuous function
through x = 0. Several methods of correlating the data have been attempted,
but as yet no adequate correlation for the data has been found. One of the
most promising is shown in Figs. 3.30 and 3.31. The steam volume frac-
tion is correlated using (x -xc) as a parameter, where xc is the negative

quality at the inception of local boiling, defined as

These qualities were evaluated using the Jens and Lottes
relation,(s)

60(q"/106)0°25

ep/m . (3.6)

ATgat =

and the Colburn relation,

Nu = 0.023 Re? 8 pPr0+ ) (3.7)
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Comparison of Predicted and Measured
Steam Volume Fractions at 600 psig
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3.7. Prediction of Average Steam Volume Fraction

The average density in a channel in which vaporization is tak-
ing place mavy be found as a function of pressure, slip ratio and exit steam
volume fraction. For the case of a constant heat flux along the channel
(if it is assumed that the slip ratio is constant along the heated length and
that there is a uniform input),

I
1 -

PB P 1 1
jG_;_ b- 1 -x b- (xe(l—x)—l) [1n1—ue(l-x)] (3.9)

where x = Vg pg/Vf Pf. For an axial cosine heat input, the average channel
density ratio is

_/OE -1 - (1 ) f3g> [b' a'b-ab!’ <Lt>(l _itan_l«/az-bztan(nLNB/ZLt)ﬂ
f T

— +
Pe/lb o b(a*-b%) \Lg 2 1b

(3.10)

for [a| . |b], and
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a=—+b a' = 2 +b'
Qe
P,V 0
b:<1_-g g)b' br:___t_::__ 2
lOfo QB L
1 - cos
Lt

These equations are shown graphically in Figs. 3.33, 3.34 and 3.35.
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Figure 3.36 shows a comparison between calculated and meas~
ured average volume fractions. These curves are slightly in error due to
the assumption of a constant velocity ratio over the channel length but are
adequate for design calculations, providing that the exit steam volume
fraction of the boiling channel does not exceed 0.75. The exit steam volume
fraction of the channel is estimated by using the working curves for veloc-
ity ratio presented in this paper, and the average steam volume fraction is
then read off Figs, 3.33, 3.34 and 3.35. These curves are also in error
since they neglect the volume fraction in local boiling. A more accurate
density can be obtained for irregular flux distributions by calculating the
steam volume fraction as length curve and graphically integrating.
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Comparison of Calculated and Measured
Average Volume Fractions

3.8. Conclusions

The conclusions from the two-phase density studies are:

(1) The working curves presented for the calculation of ve-~
locity ratios and hence steam volume fractions are adequate for engineer-
ing calculations and will predict steam volume fractions to within ¥15%
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(2) The curves presented, however, are derived from data
taken from experiments on circular or rectangular, internally cocled chan-
nels. No significant work has been conducted on multi-rod geometries
such as are of interest for current applications. Consequently there are
possibilities for disagreement on the validity of interpolated results. How-
ever, it is believed that geometric differences will not aifect results greater
than within allowable limits of accuracy.

(3) The data presented show that slip ratio Vg/Vf is affected
by mass velocity, pressure, and guality as follows:

(a) Slip ratio increases with increase in quality for any
fixed pressure and mass velocity. However, the
quality effect on the slip ratio appears to diminish
with an increase in mass velocity.

(b) Slip ratio decreases with increase in mass velocity
for any fixed pressure and quality. However, the mag-
nitude of the velocity effect appears to decrease with
decreasing quality and increasing pressure.

(c) Slip ratio decreases with increase in pressure for any
fixed quality and mass velocity. The accuracy of void
measurements tends to decrease with increasing pres-
sure, especially in small width channels.

(4) Additional work is needed to determine effects of geometry,
differences between adiabatic flow and boiling at high heat fluxes, and means
of predicting steam volume fractions in the local boiling region.
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4, TWO-PHASE PRESSURE DROP

4.1. Introduction

The reactor coolant, while flowing through the various reactor
channels, will pass through several regions that are well defined by methods
presently used for calculating the pressure drop. These regions are as
follows:

1. Isothermal - Single Phase Region - The fluid properties
are constant both across the channel and along its length.

2. Heating Region - In this region the fluid temperature is
below saturation temperature. The heat transfer mech-
anism is that of forced convection and both the wall tem-
perature and fluid temperature increase with length.

3. Local Boiling Region - The wall temperature remains
fairly constant; the bulk liquid temperature is still below
saturation temperature; the heat transfer mechanism is
that of boiling in which bubbles are formed adjacent to the
wall but collapse as they are swept into the subcooled
liguid.

4. Bulk Boiling Region - The bulk fluid has reached satur-
ation conditions and there is net steam generation.

5. Adiabatic Region - The two-phase mixture flows in un-
heated channels (fuel element extensions, risers or
chimney, etc.) with negligible mass transfer between the
phases.

The ability to predict the circulation rate in a boiling water
reactor depends upon how accurately the pressure losses in these various
regions can be evaluated. The major uncertainties are in the regions of
two-phase flow.

A great deal of effort has been expended over the past fifteen
years in an attempt to understand the mechanisms contributing to the pres-
sure losses during the flow of a two-phase mixture consisting of aliquid and
a gas (or vapor). A number of correlations, both theoretical and empirical,
have been proposed. None, however, are general enough to provide an ac-
curate calculation of two-phase pressure drop over a wide range of pres-
sures, flow rates, and geometries.

As shown in Section 7, a momentum balance on the flowing mix-
ture reveals that the total pressure drop along a channel is the sum of the
hydrostatic head, the acceleration pressure drop, and the frictional losses.

APy = AP + AP, + APL . (4.1)
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The frictional pressure drop term includes losses due to increased
turbulenceat flow expansions and contractions in addition to the usual
wall shear stress losses.

Correlations providing an estimate of the frictional pressure
drop in two-phase flow require experimental determination of the friction
factor or friction factor multiplier (depending upon the correlation). The
accuracy of these friction factors or multipliers is dependent upon sub-
tracting the proper values for the hvdrostatic head and acceleration pres-
sure drop from the measured total pressure drop. Both the hydrostatic
head and the acceleration pressure drop are dependent upon the vapor
volume {raction, hereafter referred to as void fraction. Thus accurate
determination of the local void fraction is essential if one is to obtain
good frictional pressure drop data.

Accurate measurement of the void fraction is quite difficult
and the difficulty increases with pressure. At the time of this writing very
little steam-water pressure drop data(14,17,34,35) have been reported in
which the void fractions were measured simultaneously with the pressure
drop. Westinghouse(36) reports pressure drop data in which the void
fractions were measured separately in a channel identical to the one they
used for the pressure drop experiments.

A great number of investigators have successfully eliminated
the void fraction variable from their two-phase pressure drop measure-
ments by utilizing unheated, horizontal flow passages. The two phases are
obtained by mixing two components, such as air-water, gas-oil, etc., or by
mixing steam and saturated water. This approach eliminaies the hydro-
static head and the acceleration pressure drop, so that the frictional pres-
sure drop is measured directly. As more becomes known about two-phase
pressure drop, it becomes apparent that this method leaves something to
be desired. First, because of complex interaction between the two phases,
it is generally admitted that the frictional losses should be a function of
the two-phase flow pattern (bubble flow, plug flow, slug flow, annular flow,
etc.), and since the flow patterns and relative velocity between the two
phases differ somewhat in the horizontal and vertical channels, application
of this data to vertical channels may be questioned. Secondly, one may
question the application to boiling channels, where violent agitation exists
at the walls, of two-phase pressure drop data obtained from unheated
channels. The mechanisms are not understood and may be completely
different. In defense of the many works that have been published to date,
however, it must be admitted that the inherent experimental uncertainties
encountered in two-phase pressure drop measurements have made sep-
aration of these effects extremely difficult if not impossible. Regardless
of which experimental system is used, measurement of the void fraction
is desirable as many investigators have found it to be an important param-
eter in the correlation of the frictional pressure drop data.
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As mentioned previously, numerous investigations of two-phase
flow phenomena have been undertaken. The significant aspects of most of
these investigations have been compiled and discussed in several two-phase
flow literature surveys.(16»37'40) The survey by Bennett(37) is the most
recent and contains a tabulation of the authors with respect to the various
phase systems, pipe size and orientation, and flow patterns. The survey
by Gresham et al. 41) is the most comprehensive up to 1955, while
Charvonia's survey(38) pertains mainly to annular flow of the type that
would be encountered in "film cooling" of rocket motors, etc.

4.2, Status of Pressure Drop Correlations

In the following discussion the status of the pressure drop
correlations for the regions listed above will be reviewed, calculational
procedure will be recommended, and the areas of uncertainty that need
additional investigation will be discussed.

1. Isothermal - Single Phase Region

The procedure for calculating single-phase, isothermal
pressure drop is well established. The frictional pressure drop is ex-
pressed as:

L &
F iso D, p2gc

(4.2)

The friction factor, f;5,, has been determined experimentally and the most
widely accepted correlation, figg = fi}[(DeG/u , € /De)] is that of Moody.(42)
The hydrostatic pressure drop is equal to

AP = pL (4.3)

and the expansion and contraction losses are proportional to the kinetic
energy

GZ
28ec

(4.4)

in the smallest pipe of the expansion or contraction. The proportionality
constant (loss coefficient) is best presented by Kays.

2. Heating Region

When a fluid is being heated, the temperature difference
between the surface and fluid results in a transverse variation of the
fluid properties, primarily the viscosity. This produces a friction factor
that is less than the isothermal friction factor when the Reynolds Number
is evaluated at the mixed mean fluid temperature. Three methods have
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been proposed for correcting the isothermal friction factor for use in the
heated region.

Sieder and Tate(44) suggested the following correlation
as a result of heating and cooling petroleum oils:

Fowr 0.14
£/f0 = <-u—§> . (4.5)

More recent work by Petukhov and Muchnik,(45) in which water and two
types of oil were heated in long tubes with 3.3 x 103 J Re <« 2.5x 10%;
0.3 ~ p,wﬁx .38; 1.3 Pr . 178 produced the same correlation. Kreith
and Summerfield(46) obtained the same correlation with an exponent of
0.13 for water flowing in a tube.

Deissler(47) approaches the problem by providing a
correlation for the reference temperature, Ty =T, < T, at which the
viscosity in the Reynolds Number should be calculated. Curves of the
isothermal friction factor are then used with this "corrected" Reynolds
Number.

Sher(36) measured the heating pressure drop in 0.097 in. x
1.0 in. and 0.050 in. x 1.0 in. rectangular channels at 1100 and 2000 psia
and found that the friction factor ratio was best correlated by

£/fiso = 1 - 0.0025(AT_g) (4.6)
over the range

400 = Ty = 636 °F

0 ATp_g = l00°F

This correlation gives lower friction factor ratios (generally less than
20 per cent lower) thandoes Eq..(4.5). Sher's data is the only data available
for pressures above 150 psia.

Considering the agreement of several independent inves-~
ti/ga’cors over a wide range of variables the recommended correlation for
f/f;5o is givenby Eq. (4.5) where fjgois evaluated at the bulk fluid tem-~
perature. The frictional pressure drop across the heated region is cal-
culated by

2
APy = fDﬁ G
e [fegce

(4.7)



where f = fico (f/fiso) evaluated at the average bulk temperature for
Ty > 200°F,

and

— I L f o
f =-]:f s <f. >dz for  Tpg < 200°F
A iso
This correlation will provide a more conservative analysis (higher AP
or lower circulation rate) than Eq. (4.6). While the difference between
Sher's correlation and the viscosity ratio correlation is not great, ad-
ditional pressure drop data for heat addition to water at higher pressures
would be useful in establishing the best correlation to use for these
conditions.

The hydrostatic pressure drop is evaluated from Eq. (4.3)
with the density evaluated at the average bulk temperature for pressures
less than 2500 psia, and

— 1 L
p=-L—f pdz
0

for pressures greater than 2500 psia.

The acceleration pressure drop in the heated region is
calculated from

G* /1 1
AP R . 4.8
acc  gc <f92 pl) (4.8)

3. Local Boiling Region

The end of the heating region and beginning of the boiling
region is established by the method described in Section 7. The local
boiling region extends from this point to the point where a heat balance
shows that the coolant has reached saturation conditions.

Very little work has been done on local boiling pressure
drop. Only three correlations are known to exist. These correlations were
obtained in such a way that it is virtually impossible to compare them or
to extrapolate them to systems that differ from the experimental systems.
There are no known theoretical investigations of local boiling pressure
drop.

Reynolds(48) obtained data from a% in. I.LD. x 6 ft., uni-
formly heated, horizontal, stainless steel tube with 1.3 x 10° = g" = 3.04 x
10° Btu/hr-£t%; 7 = Vo = 10.6fp5; 45 = P =100 psia, and exit water
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temperature less than saturation temperature. The data was correlated by

GDeC (ATsub)o . 4ag" L )
APy g :'\ -—) P - 51nh§- d i
dLl /g, 4aq ! GDeCp (ATsublo ]

b

(4.9)

where a = 1.2 + 4.6 (q"/10°%).

It should be noted the correlation was obtained by measuring local pressure
differentials, hence the data included not only frictional pressure drop, but
also the acceleration pressure drop caused by the bubbles formed on the
walls. Reynolds states that this correlation predicted the data of Buchberg
et al.(49) within 50 per cent for heat fluxes up to 500,000 Btu/ftz. Above
this heat flux the correlation did not agree with the data.

Buchberg et a1.(49) obtained their data from a vertical,
uniformly heated, stainless steel tube, 0.226 in. I.D. x 24.6 in. long. The
overall pressure drop was measured with the pressure taps located 3% tube
diameters beyond the effective heated length. With this system there were
no bubbles on the wall at the position of the pressure tap and the bubbles
that had been swept into the stream would have condensed or greatly dimin-
ished in size by the time they reach the pressure tap location. Hence, the
acceleration pressure drop component is not included in the overall pres-
sure drop. This difference in the data (Reynolds' and Buchberg's) is
negligible at high subcoolings but becomes increasingly important as sat-
uration conditions are approached,

Rohde(50) correlated the data of Buchberg et al. for
250 =P =2500 psia ; g"<2x 10° Btu/hr-ft*
5=Ve=30fps ; 35=ATgup=235°F

with a deviation of T 40 per cent; he also correlated some Argonne National
Laboratory data for P = 500 psia, | x 1065q" =1.5x 10° Btu/hrnftz, in a
uniformly heated, vertical, stainless steel tube, 0.175 in. I.D. x 24 in. long
with a deviation of + 18 per cent and - 28 per cent by

(AP/AL)LB/AP/AL)HEAT = quso/P

(Note: the local boiling pressure gradient is divided by the pressure gra-
dient while heating rather than the isothermal pressure gradient.) The
ratio, Rq, was meant to be a qualitative measure of the number of bubbles
on a channel wall; i.e., the greater the ratio, the greater the number of
bubbles present.

(4.10)

In an attempt to make his correlation applicable to channels
with nonuniform heating, Rohde rederived his correlation, Eq. (4.10) in

terms of an average ratio, (Rq)avg’
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(AP/AL)p/(AP/AL)gp AT = exp{%‘i[(Rq)avg - 1]} (4.11)

where for uniform heating

ln (Rq)exit

Ry) =
( ave l'I/Rq)exi’c

for (Rq)in =1

GD [T - T,
- CIn] == | for (Ry)in >1
4:LhD_B TW - Te 9

For nonuniform heating, the channel is to be divided into increments, local
values of R, determined, and these values integrated to obtain the average
Rq which is used in Eq. (4.11). This in essence is calculating the pressure
gradient ratio at an "average' position in the channel rather than calculat-
ing an average pressure gradient ratio. The use of this method for non-
uniform heat input is quite difficult and time consuming and the results
have never been checked against data.

Weatherhead(51) obtained local boiling pressure drop data
at 600 psia in vertical, round and rectangular, nickel channels of essen-
tially the same equivalent diameter. The pressure taps were beyond the
heated length so that there was no acceleration pressure drop component.
The hydrostatic head was calculated with the average liquid density. He
found that Reynolds' and Rohde's correlation fitted the circular tube data
equally well but that the rectangular channel was best correlated by Rohde.

Sher(36) has reported local values of the local boiling
frictional pressure gradient in vertical rectangular channels, 0.097 in. x
1.0 in. x 27 in. and 0.050 in. x 1.0 in. x 27 in., at 2000 psia. Local void
fractions were measured and the hydrostatic head and acceleration pressure
drop were calculated assuming zero relative velocity between the phases.
It was found that f/fiso increased with increasing heat flux, increasing bulk
temperature, decreasing static pressure, and decreasing mass velocity.
He reported no significant difference for the two channel spacings. From
the results of his tests, Sher concludes that if and when methods of pre-
dicting void fractions in the local boiling region become available the local
boiling frictional pressure gradients may be handled in exactly the same
manner as in bulk boiling. He found that at 2000 psia a plot of (f/fjso) Vs 2
fictitious quality {evaluated with the local boiling voids and an assumed slip
ratio of one) gave nearly the same correlation as a similar plot of bulk
boiling data.

In the absence of local boiling void data the following
correlation was recommended for rectangular channels at 2000 psia.
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G“2/3
£ 5/fi o = (1-0.0025 AT*) |1 +0.76 (ﬁ) ¥ (4.12)

where
AT* = ATy when AT* = ATy

60 (q1|/106)0g25

T
sat
. P/900

-Tg when AT* > ATf

AT*

e = - —

' ATg

ATf = 0.766 q"/hp_g

The first bracket represents the heating effect in the local boiling region
and the ratio AT*/ATf is a function of the single phase to the local boiling
heat transfer coefficient.

It should be noted that Sher's correlation and Rohde's
correlation are similar in that they both recognize a heating effect in the
local boiling region and they both use parameters that are qualitative ex-
pressions of the relative agitation caused by local boiling. Rohde, however,
did not report a mass velocity effect.

Costello(34) has recently reported a small amount of local
boiling pressure drop data from a vertical annulus at atmospheric pres-
sure. The local boiling void fractions were measured. No correlation
was given however.

No general correlation for frictional pressure drop in the
local boiling region can be recommended at this time. If the available
data is not applicable to the system in question, the only recourse is to
use this data to make an "educated" guess of the local boiling friction
factor multiplier. Within the accuracy of the available data, the frictional
pressure drop may be calculated from

L 2
= LB G
API BF = R.I B fiso—,D"e'_ — (4’,13)

p[:gc

where ]‘:—{LB is an estimated average friction factor multiplier and all
properties are evaluated at an average bulk temperature.

Evaluation of the hydrostatic head in the local boiling region
presents the largest uncertainty in calculating the total local boiling pres-
sure drop because the hydrostatic head is usually the most significant com-
ponent of the total pressure drop. The uncertainty arises because of the
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unknown void distribution. The usual approach has been to assume that all
bubbles remain on or near the walls and that solid liquid core remains in
the center. The average density of this liquid column is then used in

Eq. (4.3). This assumption obviously breaks down for small channels and
near the end of the local boiling region where saturation conditions are
being approached. Egen et al. 31) pave reported void fractions as great
as 25 per cent at the saturation point at 2000 psia. Measurements at
Argonne National Laboratory have shown similar void fractions at 600 psia
and below, and traverses across the channel show definitely that all of the
voids are not on the wall in this region. Photographs by Costello(34) give
an excellent illustration of this problem. Until local boiling void fractions
and their distribution can be predicted, however, the previously mentioned
assumption should be used as it will result in conservative answers.

The acceleration pressure loss in the local boiling region

results from, (1) the changing liquid density as the temperature increases,
and (2) the formation of steam bubbles which reduce the liquid flow area.
The portion resulting from changing liquid density may be calculated by
Eq. (4.8), but the portion resulting from bubble formation cannot be pre-
dicted because of the inability to calculate local boiling void fractions.
This inability only affects prediction of the local pressure drop. The ex-
pression used to calculate acceleration pressure drop in the bulk boiling
region calculates the pressure drop due to all of the voids that have been
formed, thus the pressure drop due to bubble formation in the local boiling
region is considered in the overall pressure loss.

4. Bulk Boiling Region

In most boiling water reactors prediction of the frictional
pressure drop in the bulk boiling region is significantly more important
than in the local boiling region because the bulk boiling region usually oc-
cupies a greater portion of the heated channel and, for the same flow rate
and heat flux, the pressure gradients are much larger. The various mech-
anisms that produce this increased pressure gradient have not been com-
pletely isolated. Many of the models that have been proposed give a
gualitative correlation but quantitative agreement is presently available
for only limited ranges of the parameters.

A number of investigators have observed and reported
various two-phase flow patterns (bubble, plug, froth, annular, etc.) at
low pressures, with and without vaporization, in both horizontal and
vertical channels. Several flow pattern correlations are available for
horizontal, adiabatic flow.(52'55 Kozlov(56) and Galegar et al.(57)
have proposed correlations for vertical, adiabatic two-phase flow;
however, no correlations are available for flow with vaporization. There
is considerable disagreement among most of the correlations. The dis-
agreement is due largely to the fact that even in adiabatic two-phase flow
the flow pattern regimes are not distinct; the transition from one flow
pattern to the next takes place over a range of variables. Bennett(28)



file:///-oid

65

states that observations on fluids boiling in vertical channels indicate that
the flow patterns are even less clearly defined than the adiabatic flow
patterns due to the agitation induced by the steam generation. The pre-
diction of flow patterns in a boiling mixture appears impossible for some
time to come.

It is intuitive that the frictional pressure gradient should
depend upon the two-phase flow pattern since the relative turbulence of
the phases, the interfacial shear, and the momentum interchange between
the phases vary with the flow pattern. A number of investigators have ob-
served this flow pattern effect in adiabatic two-phase flow where the flow
pattern persists for the entire channel length. Hoopes,(58) Dengler(14)
and Sher(36) reported inflections in plots of the frictional pressure gradient
vs length in boiling channels. It is believed these changing pressure gra-
dients reflect flow pattern changes although Sher attributed it to the method
used in calculating the hydrostatic head. While flow patterns have been es-
tablished as an important parameter in two-phase pressure drop, the dif-
ficulty in observing and correlating these flow patterns has forced
investigators to neglect them in all bulk boiling pressure drop correlations
now available.

The presently available two-phase frictional pressure
drop correlations differ mainly in whether the two phases are treated as
a homogeneous mixture or whether the slippage (relative velocity) between
the phases is recognized. Two methods of expressing the frictional pres-
sure drop have evolved; (1) a friction factor, defined in a manner analogous
to the single phase friction factor, is calculated from the two -phase pres-
sure gradient, or (2) a dimensionless ratio is formed by dividing the two-
phase pressure gradient by the liquid phase pressure gradient evaluated at
the total mixture flow rate. With the exception of some of the earlier works,
practically all of the boiling pressure drop correlations have used the di-
mensionless pressure gradient ratio.

The Martinelli—Nelson(Sg) pressure drop correlation,
Fig. 4.1 for boiling water is the best known and probably the most widely
used "general' correlation available. The correlation has been verified
by a number of investigators,(35:60"62) However, one major weakness
of the Martinelli-Nelson correlation is that it does not provide an apparent
flow rate dependency which has been reported in several adiabatic pres-
sure drop studies and reportedalso by Sher(36) for flow with vaporization

The Martinelli-Nelson boiling pressure drop correlation
is an extension of a semi-empirical correlation developed by Martinelli
and co-workers(63) and modified by Lockhart and Martinelli.(64) The
correlation was based on data for adiabatic, two-component mixtures in
horizontal flow at essentially atmospheric pressure with both phases in
turbulent flow. (Turbulent flow was defined by the phase Reynolds Number
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Martinelli Average Two-Phase Friction
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being greater than 2000 when the phase velocity is based on the total pipe
area). The original correlation by Martinelli, for adiabatic flow, was
based on two main assumptions:

1. The static pressure drop of the two phases must be
equal regardless of the flow pattern.

v

The volume occupied by the liquid plus the volume
occupied by the gas at any instant must be equal to the
total volume of the pipe.

These assumptions infer that the flow pattern does not change with length,
thus ruling out "slug" flow and stratified flows with transverse pressure
gradients. Primarily it limits the correlation to annular flow. With these
assumptions and their experimental data they arrived at a correlation be-
tween (1,44, the square root of the ratio of the two-phase frictional pressure
gradient to the frictional pressure gradient if the liquid alone were flowing
in the pipe, and " ;, a nondimensional correlating parameter for turbulent-
turbulent flow. The quantity {4, may be expressed as
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- Jol 0.571/ [ 0,143
X, - (1X X)(é> <M_f> . (4.14)
M1, g

Assuming linear variation of the quality in the heated channel, Martinelli
plotted the ratio of (dP,/dL)TPF/(dP/dL)o vs x and integrated to obtain

IAS PTPF//_\PO for any given exit quality. Considering the limits imposed on
& 144 @t the critical pressure, it was evident that a pressure parameter was
required. Using the data of Davidson et al.(65) to obtain this pressure de-
pendence, new curves of ¢Ltt VS Xy Were obtained and integrated to give
the correlation shown in Fig. 4.2. Figure 4.3 shows a comparison of this
correlation with data obtained at Argonne.(35)
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Martinelli and Nelson(59) are the only investigators that
have attempted to apply isothermal pressure drop data to flow with va-
porization. As pointed out by Isbin,(60) the assumption of equal static
pressure drop for both phases was actually equal to frictional pressure
drop for both phases in the original Martinelli-Nelson derivation. Ex-
tending this correlation to flow with vaporization, where the static pres-
sure drop for each phase would include momentum and possible head terms
as well as friction, is questionable because the frictional pressure drop of
the two phases could hardly be equal. It is truly amazing that the Martinelli-
Nelson correlation has been so successful in view of the assumptions that
were made and the data that were available at the time of its development.

Dengler;(l‘qf) Schrock and Grossman,(67) and Stein et alo(és)
have obtained local two-phase frictional pressure gradients from boiling
channels. Dengler's data and the data of Schrock and Grossman were ob-
tained in vertical tubes, 0.645 in. I.D. and -—;;— in. I.D., respectively. Stein's
data were obtained in a vertical, 1.08 in. I.D. - 1.33 in. O.D. annulus, with
downflow. These local gradients were correlated with the parameters
introduced by Lockhart and Martinelli(64) and compared with the Lockhart-
Martinelli correlation for horizontal, isothermal two-phase flow. The data
of Schrock and Grossman agreed reasonably well while the data of Stein
and Dengler tended to be higher.

Lottes and Flinn(19) proposed an annular flow model for
boiling water in uniformly heated channels which was essentially the same
as the Martinelli-type flow model with the exception that it was described
in terms of the steam volume fraction rather than the steam weight fraction.
It was proposed that the increased friction in two-phase flow was due to the
increase in the local liquid velocity. The local liquid velocity was related
to the inlet velocity by

V¢ 1l - x

Vin 1 -

i

(4.15)
A mass balance shows

Y / x /1 - )pf
8 = SRS
Vy \1 - x>!\\ a /pg ) (4.16)

The ratio of steam to water velocities was assumed constant along the
channel and the pressure and friction factors were assumed constant,
thus the velocity ratio becomes a linear function of the quality

A% v
f ©
= s

(4.17
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The average friction factor was defined as

L L
—-]-'— s (dP/dL)TPF dz = —l— ° —-——Vf i dz (4.18)
Ly , (dP/dL), Ly . Vi,

R =
Integrating over a uniformly heated channel gave

— 1 2
R={+ o <———-——————1 0 _®)> (4.19)

()2)

For small qualities and low pressures, Eq. (4.19) reduces to

R=114 1 4 LY (4.20)
o3 1-0g 1 -a, . .

A comparison of this correlation with pressure drop data
obtained at Argonne National Labora’cory(35) in which the local void fraction
was measured is shown in Fig. 4.4. The experimental data were approxi-
mately 30 per cent higher than the correlation; however, the trend of the
data shows a dependence upon the void fraction for voids less than 0.65,
quite similar to that expressed by the flow model. Plotting R against the
void fraction also appears to eliminate the pressure parameter, at least
for pressures up to 600 psi.
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As mentioned above, the average two-phase friction
multiplier displays a dependence upon the void fraction that is quite similar
to the Lottes-Flinn correlation. On the other hand, this correlation does
not exhibit a flow rate dependency that is apparently needed and it has been
shown(35) that this correlation gives R's that are definitely too large at
the higher void fractions.

Sher(36) reports a mass velocity effect on the local friction

multiplier for boiling in vertical rectangular channels, 0.097 in. and 0.050 in.

by 1.0 in., at 2000 psia, and presents his correlation in the form of a graph,
Figure 4.5. The following method was suggested for applying the mass ve-
locity parameter established at 2000 psia to lower pressures:

(1) Use the Martinelli-Nelson correlation to obtain the
ratic of TZLO at the pressure of interest to ”)2]_10 at
2000 psia, as a function of x.

(2) Multiply the ordinate of Fig. 4.5 by this ratio for
corresponding qualities to obtain a new family of
curves.

(3) Integrate the curve of interest from zero to the exit
quality to obtain the average value of the two-phase
friction multiplier.
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Sher Two-Phase Pressure Drop Data
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A comparison of this method with the Argonne data which
was obtained at essentially a constant mass velocity of 0.6 x 108 lb/hr—ft"‘,
is shown in Fig. 4.6. It may be seen that Sher's mass velocity parameter
is adequate for these low qualities and pressures and provides a better
prediction of the data than does the Martinelli~Nelson correlation alone,
Fig. 4.3,
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Fig. 4.6

Comparison of 4l in, x 2 in. x 5 ft Channel Boiling Data with
Sher-Martinelli Parameters. (G = 0.6 x 10° lb/hr - ft%)

Based on the facts that, (1) two-phase friction exhibits
a greater dependency on the void fraction than on the weight fraction, and
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(2) the Martinelli-Nelson correlation corresponds to Sher's data for
G = 1x 10° lb/hr-ft2 at 2000 psia, the following alternate method has been
proposed.(59)

(1) Obtain @'ZLO from the Martinelli-Nelson curve, Fig. 4.2
for the pressure and qualities of interest.

(2) Convert Sher's correlation, Fig. 4.5, to a void fraction
basis, assuming Vg/VL = 1, At the void fraction of
interest obtain the ratic of ®2LO at the mass velocity
of interest to ¢f 5 at G = 1 x 10°1b/hr-ft*, Fig. 4.7
is a plot of this ratio vs void fraction.

(3) Multiply the Martinelli Q‘;ZLO by the ratio obtained from
Sher's data, plot it as a function of channel length and
integrate it to obtain the average friction multiplier, R.
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\
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]
|
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| { l
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Fig. 4.7

Correction Factors Based on ¢ from Sher
Data Based on Slip = 1.0

Because of the lack of experimental data no recommenda-
tion can be made as to which of the two methods is the best; however, it
is felt intuitively that the void fraction method is a more logical basis for
extrapolating than is the weight fraction. The later method is the one
presently recommended.
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Several theoretical analyses are available for two-phase
flow with vaporization.(66:69’70) In general, these correlations exhibit
reasonable qualitative agreement with the Martinelli-Nelson correlation;
however, their accuracy cannot be evaluated until more experimental boiling
pressure drop data are available.

It is obvious that more boiling pressure drop data are
necessary before accurate predictions of the pressure drop during boiling
can be made. Even this may not be sufficient to solve the problem because
of the inherent scatter in the frictional pressure drop data. This scatter is
caused mainly by: inaccuracies in the void measurement which affect cal-
culations of both the hydrostatic head and the acceleration pressure drop;
and the inability to determine the true acceleration pressure drop compo-
nent. This last factor presents the greatest obstacle against obtaining good

boiling pressure drop data over a wide range of variables.

Leppert,(él) Schrock,(67) and Weatherhead (Argonne
National Laboratory data)(7 1) have presented correlations of the sum of
the frictional and acceleration pressure drop components. Schrock and
Weatherhead show the datahave less scatter when presented in this manner.
Leppert could not find a mass velocity dependence. This suggests that
the apparent mass velocity effect on frictional pressure drop may be par-
tially or totally due to a mass velocity effect on the acceleration pressure
drop which is caused by changing flow patterns. The difficulty with corre-
lating the sum of the frictional and acceleration pressure drop components
is that the friction pressure drop is a function of length while the acceler-
ation pressure drop is independent of length, thus making it difficult to
apply to other systems,

Martinelli and Nelson(59) have presented two equations for
calculating the extremes of the acceleration pressure drop caused by va-
porizationof a two-phase mixture. For a homogeneous mixture (fog flow)
the acceleration pressure drop will be a maximum and is expressed by

Pt 1
APa.CC = (1 'Xe) + Xe<T> -1 E ° (4“?‘1)
g

For two-phase flow in which the phases are completely separated and travel
at different velocities (slip flow), the acceleration pressure drop is a mini-
mum and is expressed by

N Gz (1 - Xe)z Xez iuf 1
LPace == it — ]-1 R (4.22)
g Y Ye \ig f

The true pressure drop probably lies somewhere between the two extremes.
Since the acceleration term is quite often a large fraction of, or even greater
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than, the frictional term, this uncertainty can cause considerable scatter
in the frictional pressure drop data. Similarly the total pressure drop
calculation will have this uncertainty even if the frictional pressure drop
is known exactly.

The derivation of Eqgs. (4.21) and (4.22) are based on the
average velocities of the mixture and the phases, respectively. This im-~
plies that the momentum factor Km, which is the ratio of the true mo-
mentum flux to the momentum flux evaluated at the average velocity, is
approximately unity. For single phase flow K, varies from 1l to 1.33.
Since the velocity distributions in the two phases during slip flow are un-
known and undoubtedly a function of flow pattern, the upper limit of the
momentum factors are unknown and the factors, therefore, a function of
the flow patiern. Experiments to measure the true momentum of the mix-
ture would be most useful.

The hydrostiatic head in a boiling channel is evaluated from

APH = [[ﬁf - (f:’f - /:g)}LB (4.23)

where G is the average void fraction. Evaluation of the void fraction is
discussed in Section 3. Except for channels with very small equivalent
diameters, the hydrostatic head is the major portion of the two-phase
pressure drop during vertical flow. The uncertainties in evaluating the
hydrostatic head are a function of the uncertainties in &.

5. Adiabatic Region

By far. the greatest majority of two-phase research work
has been centered on adiabatic two-phase flow. This type of flow eliminates
the large acceleration pressure drop term and it is also possible to use
two-component mixtures, such as air-water, gas-oil, etc., thereby elimi-
nating the need of a steam supply or heat source. Many of the available
data are the result of research in the petroleum industry and in chemical
engineering; fields that are truly interested in two-phase mixtures other
than steam and water. A reasonable estimate is that more than ninety
per cent of the available adiabatic, two-phase pressure drop data were ob-
tained with mixtures other than steam-water. However, in the correla-
tions and comparisons of data that have been reported, many investigators
compare data obtained from different phase systems. The validity of
these comparisons has yet to be substantiated.

More than eighty per cent of the available data have been
obtained for horizontal flow, which eliminates the hydrostatic head. In
all of the vertical flow data that have been surveyed, only one reference(l7)
reported steam-water data and this was at atmospheric pressure. Vertical
flow, adiabatic, steam-water pressure drop data at various pressures are
badly needed at this time.
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The "standard" correlation of adiabatic, two-phase
frictional pressure drop, against which most data and correlations are
compared, is the Lockhart-Martinelli(64) correlation. The work of
Lockhart and Martinelli consisted of a revision of a previous correlation
by Martinelli and co-workers to make it applicable for the four types of
two-phase flow that had been postulated; i.e., turbulent-turbulent, turbulent-
viscous, etc. The basic postulates in the analysis were those mentioned
in the discussion of the Martinelli-Nelson boiling pressure drop correlation
in the previous section. The data used in the development were obtained
from horizontal flow of air-water, air-oil, and air-benzene at pressures
up to 52 psia.

The suggestion that two-phase pressure drop was strongly
dependent upon flow patterns resulted from early work done with adiabatic,
two-phase flow. Gazley and Bergelin, in a discussion of the Lockhart-
Martinelli paper 64) were the first to suggest such a relation. Isbin(16)
and Gresham(39) present summaries of most of the work that has been done
in the observation and correlation of flow patterns, hence only the high-
lights will be discussed here.

Different flow patterns were observed as early as 1914.
Several of the flow pattern correlations for horizontal flow have been ref-
erenced in the previous section on boiling pressure drop. Moen 72) has
recently suggested modifications to Baker's and Kasiakova's correlations.
Kosterin(73 reported that for horizontal flow the flow pattern was depen-
dent upon the diameter of the pipe. He also reported that the entrance
section had no effect on flow patterns in vertical and inclined pipes.
Hoogendoorn(54) used Kosterin's type of correlation to show the effect of
liguid viscosity and pipe diameter on the flow patterns for horizontal flow.
The main effect of both variables was on the transition region between
plug and slug flow. Govier(74:75) has shown a relation between vertical
flow patterns and specific pressure drop regimes for various liquid flow
rates and pipe diameters.

The Lockhart-Martinelli correlation has been shown by
many investigators to be inadequate for specific horizontal flow patterns.
In general, the correlation predicts too high for slug and plug flow and too
low for annular and mist-annular flow. One of the more recent reports
is that of Hoogendoorn,(54) It is an excellent piece of work based on at-
mospheric pressure, air-water and air-oil mixtures in horizontal pipes
with inner diameters ranging from 24 mm to 140 mm. Hoogendoorn con-
cludes that for horizontal flow the Lockhart-Martinelli correlation has
three limitations; it cannot be used:

(a) for plug, slug or froth flow, if gas densities differ
from that of air at atmospheric pressure,
(b) in the stratified and wave flow regions,

(c) in the mist-annular flow region.




He presents the following correlations,

(a) for plug, slug and froth flow

m 0.84 3 v
APTPF = APLO 1+ 230<—El—t-> 0.00138<ﬁg_> (4.24)
where
m 105 o\ 1.3
v=09.5[_8) -62.6[_%
mg t
for
g
—=1-. 0.0 4 R 3000
) 5 ETP>
(b) For wave flow
m \ 1.45 2
g 1 AL my
AP = Cl—£& L= (4.25)
TPFE (mt> 2 Dy pg
for

m
—Ei. 0.8
myg

C depends mainly on pipe diameter and pipe roughness.

(c) For mist-annular flow

2
)-1/4 l AL Mg
g T2 D, Pg

AP = 0.12 (m

TPF (4.26)

Many objections have also been voiced about the Lockhart-
Martinelli correlation because it does not recognize a flow rate effect.
This effect has been reportedinanumber of different experiments(4ls72’76’77)
for horizontal flow.

Petrick(30) has reported a mass velocity effect on <¢>‘?‘L
for vertical flow, air-water, atmospheric pressure data which was limited
to qualities up to 0.0043, The mass velocity was varied in two ways:
(1) the mixture flow rate was varied for any given channel cross section,
and (2) the mixture flow rate was held constant while the channel cross
sections were varied. The mass velocity effect obtained by varying the

7
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cross section was much more pronounced than that obtained by varying the
flow rate, indicating that the geometry (or the effect that the geometry has
on the flow pattern) may be of greater significance than the flow rate, at
least for vertical flow. Moen!72 reports on a mass velocity effect for
high pressure steam-water flow in horizontal pipes, but Isbin(17) could
find no flow rate effect in vertical steam-water flow at atmospheric pres-
sure., Similarly, Yakil(77) reported a mass velocity effect for horizontal
flow but did not report such an effect(78) for vertical air-water flow. The
only suggestion that could be found of a flow rate effect on Lockhart-
Martinelli parameters for adiabatic, vertical two-phase pressure drop was
reported by Dukler{79) for downward flow. This suggests that the flow rate
effect mav be pertinent only for horizontal flow.

A pipe diameter effect as reported by Govier!75) for ver-
tical flow is also shown by Yaki's vertical flow(78) data and is suggested
by Petrick's data.(30) Other investigators(53’54s77) have reported a diam-
eter effect for horizontal flow.

Based on their annular flow model which postulates the
increased friction is due tc the increased local water velocity, Lottes
and Flinn(19) suggest that the frictional pressure gradient ratio may be
represented by

R = <l_i_oj c (4.27)

Richardson(zz) foundthat his horizontal air-water flow data could be corre-
lated by R = (1/1 o), Chisholm and Laird(so) found that for horizontal
air-water flow R = 0.8 (l/l -0)” where = 1.75 and 1.875 for smooth
and galvanized pipe, respectively. Moen correlated his horizontal, steam-
water data with Eq. (4.27) and found that the exponent varied from 1.6 to 2,
depending upon flow rate.

Chenoweth and Martin(86) have proposed a correlation
based on data from a number of sources for horizontal flow of various two-
component mixtures at pressures up to 100 psia in pipe sizes from 0.6 to
3 in. in diameter. The correlation is presented in graphical form, Fig. 4.8,
and represented all the data within 150 per cent and 92 per cent of the data
within 135 per cent. Lester(82) compared steam-water data from 4- and
6-in. pipes with the correlation and found agreement within 135 per cent.

Bertuzzi et al.{83) have also presented a correlation based
on a large collection of horizontal, two-component data for pressures up
to 55 psia and diameters of -21- to 2 in. Their correlation represents the
data with an algebraic deviation (bias) of 0.82 per cent and a standard de-
viation of 20.8 per cent. Both this correlation and the Chenoweth-Martin
correlation reduce to the proper liquid pressure drop for all liquid flow
and to proper gas pressure drop for all gas flow.
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Correlation for Turbulent Two-Phase Friction
Pressure Drop in Horizontal Pipes

The effect of wall roughness on two-phase pressure drop
has been reported by Chisholm and Laird(80) and Hoogendoorn.(54) Both

reports were the result of atmospheric pressure, horizontal, air-water
tests.

4.3. Conclusions

The state of the art, with respect to adiabatic, two-phase
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frictional pressure drop is adequately expressed in Bennett's conclusions.(37)

a. "There is no reliable method which can be applied to any
system to predict flow patterns in two-phase flow.

b. "Two-phase pressure drops can be predicted in horizontal

isothermal flow but the accuracy is not likely to be better than
150 per cent. The method which has been mainly used is due to
Lockhart and Martinelli.(53) Correlations due to Chenoweth and
Martin{8l) and Bertuzzi, Tek and Poettmann(83) may be an im-
provement but not radically so and await confirmation by other
workers.

c. "Comparatively little work has been carried out on iso-
thermal tflow in vertical tubes with the additional complications
of a hydrostatic head term.

d. "The hydrodynamics of two-phase flow therefore require
a great deal more study in relation to all aspects.”
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5. CRITICAL HEAT FLUX AND BURNOUT

5.1. Introduction

For systems wherein heat is generated in a solid body and then
transferred directly to a liquid or liquid-vapor coolant, the critical heat flux
is defined as occurring at the transition from nucleate to film boiling and is
characterized by a sharply defined increase in the temperature of the heat
transfer surface. If the heat flux is sufficiently great, the resulting thermal
excursion results in "burnout," physical destruction of the heat transfer
surface. Although the two terms are commonly used interchangeably,
"burnout" is a subjective occurrence that is frequently dependent upon such
extraneous factors as material properties, pressure and/or thermal stresses,
and corrosion rates and effects. Since the critical heat flux is normally the
limiting condition for power and thermal design criteria, it is important that
its magnitude and determining conditions be known with a minimum of un-
certainty. Unfortunately, such is not the case. There is widespread disagree-
ment regarding the applicability, magnitude, and effect of the several
variables which have been associated with the determining conditions for the

critical heat flux occurrence.

Despite the existence of much critical heat flux data which has
appeared in recent years (and numerous correlations thereof), it is not pos-
sible at the present time to make authoritative pronouncements on the subject.
For the purpose of making the most valid comparisons, the following discus-
sion is limited to systems wherein there is the vertical up-flow of ligquid or
two-phase water in annuli or channels with uniform heat generation.

5.2. Effects on Magnitude

1. System Pressure

The pressure effect on the magnitude of the critical heat flux
appears to be largely dependent upon the latent heat of vaporization (Hfg) and
the specific volume of the vapor phase (Vg), both of which are pressure de-
pendent properties of the coolant. For a system of fixed size and geometry
operating at a fixed mass flow rate and containing liquid water at the bulk
saturation condition (Hj) at the location of the critical heat flux occurrence,
the effect of increasing system pressure is to increase the critical heat flux
to a maximum value somewhere in the range of 600-1500 psia. This increase
in the critical heat flux is presumed to be caused by the decreasing specific
volume of the vapor phase which acts to decrease the thickness (and therefore
the thermal resistance) of the boundary layer adjacent to the heat transfer
surface. In the higher pressure range beyond the point of the maximum
critical heat flux, the critical heat flux decreases continuously with increas-
ing pressure. This decrease is believed to be caused by the decreasing
value of the latent heat of vaporization and the resulting decrease in thermal
energy transport from the boundary layer to the main body of the coolant.




Existing analytical correlations that express the effect of
pressure on the critical heat flux, such as those of Kazakova,(84) Zuber and
Tribus(85) Chang,(86) and Griffith(87) are basically dependent upon the latent
heat of vaporization, the density of the vapor phase (pg = 1/vg), and a mass
transport velocity term composed of varying combinations of the saturated
coolant properties. Griffith's correlation also includes the effects of mass
flow rate and coolant enthalpy in the subcooled and quality regions, being
based on data for vertical channels. Empirical correlations which include
the effect of pressure, particularly those of Green(88) and Silvestrig(sg)
show a peak critical heat flux in the range of 1200-1500 psia.

For subcooled water, the correlation of Jens and Lottes(8>
for the case of liquid water flowing upward in vertical channels over the
pressure range of 500-3000 psia is the most widely accepted. The pressure-
dependent factors in this correlation show a well defined similarity to the
latent heat of vaporization and the density of the vapor phase.

For the case of net steam generation, there is general
agreement that the critical heat flux decreases with increasing pressure.
Correlations for two-phase water in vertical rectangular channels at
2000 psia have been presented by Sonneman,(go) Bell,(91> Vanderwater,(gz)
Singh,(93) and Fauske,(94) all of which seem to be based on the same data,
as are the correlations of Green(88) and Silvestri.(89)

2. Local Bulk Enthalpy

Critical heat flux data is usually presented as a function of
the local bulk enthalpy of the coolant, or some equivalent thereof. For a
constant pressure, the critical heat flux is primarily dependent upon the
local bulk enthalpy, the critical flux decreasing with increasing enthalpy in
the subcooled water and wet steam regions. However, the correlation of
Griffith(87) shows a definite increase in critical heat flux in the wet steam
region for pressures lower than 600 psia. There has been relatively little
interest in this pressure range, and this finding appears to be unconfirmed.

3. Mass Flow Rate

In the usual presentation of critical heat flux as a function
of local bulk enthalpy, the mass flow rate appears as a parameter. In the
subcooled water region, there is general agreement that the critical heat
flux increases with increasing mass flow rate, the rate of increase dimin-
ishing as the local bulk enthalpy approaches saturation. For the wet steam
region, most correlations show a similar effect. However, the correlations
of Bell,(91) and Sonneman(90) (both for 2000 psia), show a definite inversion
of the mass flow rate effect in the quality region. Previously unpublished
data at 2000 psia from ANL, shown in Fig. 5.1 is in agreement with this.
Such a reversal of the mass flow rate effect, if it exists, is probably caused
by a change in the two-~phase flow regime.
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Critical Heat Flux as Related
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4. Flow Channel Size, Length and L/D Ratio

What, if any, effect these factors have upon the critical
heat flux occurrence is a matter of considerable controversy. The corre-
lation of Green(88) contains an L/D factor, while other correlations of the
same data, Bell(gl) and Silvestri,(89) contain only an equivalent diameter

Figure 5.2 presents additional 2000 psia data from ANL showing a

decided diameter effect which decreases with increasing enthalpy. Compar -
ison of data from two channels of the same diameter and different lengths
(18 and 24 in.) showed no appreciable discrepancies.
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The effect of channel length is generally not considered as
such in critical heat flux correlations, although inspection of data from
many sources indicates that the critical heat flux reported decreases with
increasing channel length. The often-discussed "effect of inlet subcooling”
also appears in numerous presentations of data and is occasionally associ-
ated with length or L/D. For uniform heat generation the critical heat flux
occurs at a highly localized and predictable location and, for any particular
system, is readily reproducible. This indicates that the effect of channel
length and inlet subcooling is only thermodynamically significant.

Levy,(95) in a presentation of critical heat flux data for
natural convection in a vertical annulus at 1000 psia, states that the critical
heat flux is preceded by hydrodynamic instability and is noticeably lower in
magnitude than for the case of forced circulation. ILevy further guotes
Lowdermilk:(96) "...A very stable circuit with a high head pump Ieads to
higher burnout heat fluxes than one with a low head pump." Lowdermilk(97)
also reports marked variations in the magnitude of the critical heat flux in
a low-pressure (15-100 psi) forced-circulation system due to flow instability
caused by flow system characteristics external to the vertical tubular test
section.

Figure 5.3 illustrates the flow instability preceding critical
heat flux occurrence in a forced circulation system at 600 psia. The cen-
trifugal circulating pump (Westinghouse Model 100-A) supplied a net head
of approximately 90 psi for the 18 in. vertical tube with an L//D of 41. Lack-
ing evidence to the contrary, this flow instability preceding the critical heat
flux occurrence is presumed to be limited to the condition of net steam
generation. If the instabilities cited by Levy and Lowdermilk, and illus-
trated by Fig. 5.3 are typical, it appears to preclude the determination of
flow-quality criteria for the criticalheat flux occurrence for the case of
net steam generation. The critical design criterion in this case seems to
be the hydrodynamic condition of flow and steam quality (or void-volume
fraction) which determines flow instability, which applies to both forced
and natural circulation systems.

5. Surface Condition

The small amount of data available indicate that a relatively
rough surface finish, by providing numerically greater nucleation sites and/
or greater surface turbulence, has a comparatively higher critical heat flux
than is the case for a smooth polished finish. This may be deduced by com-
paring the bubble production from rough and smooth surface finishes in
nucleate boiling photographs. Figure 5.4 shows data from a clean surface
compared with later data from the same tube after repeated occurrence of
the critical heat flux had produced a visibly corroded surface condition.

Such an effect has only been noticed in the higher heat flux-local boiling
ranges.



i
4

e

i

Flux

Critical Heat
Cccurrence

Power Trip

T

612 B/lb (X = 0.191)

:
G = 1.0 x 106 In/hr. fi.2

H
ik
|
)

[ ; — 1
— e = =
— )i‘;& i e — R | E—

- s — e P

LI

Ty

INLET VELOCITY (ft/sec)

= S e &

6 Binhr. ft.2
|
1
|
|
1

ALE

iax 0 1:!
— = = T
— == =< R =5
— - e m xll = K o ‘lsb\ibll -
— ey
= - - -
o

304 SS Vertical Tube
0.4365 in. ID x 18 in.

i
|
I
i
[
!

' 600 psia

1

f
|

H
it

i
)
L
T
i

Al
§
|
[

> 095 6]

i
|
I
i

e =

< (AdjRUu3) IWIL

Fig. 5.3

gy g e = T k) | S s p— g
Ty e — -
b= - o= e L e o = ks sl Al
e e e e e e
= = S ——— S = SN =
= 3= = I =F s 0 T et
1 E 1 S S F o I= ]
- r 4 s s e = —
35 -1 i X b o=y o ] T
E = = T B E SR o e
1 T = T 1 S = o =
y - - — 1
= S i s s S S g s e
rm— 1 M W I~ 0( - — — —
= — A R . = =4 .l_m o et S
= - - T »
= ol T n | et X® o= =
= T e T — o a3 P~ D .
- o
[N S  ED— | ——m Maﬂ (==Y
e NP U S, - B S — —
f— g b e i - — IS ARG | R S )
S NI R SN DR — - TEE
. RO T O I N
)
+

T

Flow Instability Preceding Critical Heat Flux Occurrence

|
F
i
|
EE
L
|
|

l

botosdnd e did

Critical Heat Flux Occurrence

il

!
L
{
-
!
E
|
| |
|
ia::::—_r':;:

Power Trip

INLET VELOCITY (ft/sec)

2
|
|
|
|
!
|

_- ! !!!353
— — e e
B R S S ] o 3

|
{
5
|

!
|
]
;
i
|
!
T
|
|
1
§
PLE

|
i
!
|

0.79 x 109 B/hr. ft.

0.4365 in. ID x 18 in,

T 304 SS Vertical Tube

b — s R s et .m T o e b P
—* !2!4?(. -t 172 x.LL) {
i - 3 N [= R = T Sk S S T R
R o = =] -
N S A P S N S (C e St Sl E - SIS
il i S 1 | = g e e B B
oo k=
==

84

< (Adjeyiu3) Wil




85

@
|
i
;

2000 psia

VERTICAL TUBE -SS 304

L=i18in D= 436

G=148 %108 Ib/hr 112 CRITICAL HEAT FLUX
~~"CURVE FROM FIG.5.2(a)

»

~
R S A B
>
>

<

CRITICAL HEAT FLUX-1C® 8/hr 112
[+ (a]
[} w
1

(]
S
-1 —

DATA POINTS SHOWN ARE CRITICAL HEAT FLUX
DATA FROM A NEW, CLEAN, UNCORRODED S8 304 TUBE

o
o
T

| — I |

300 400 500 600 700
LOCAL ENTHALPY-B/Ib

[

Fig. 5.4
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6. Non-Uniform Heat Flux

A limited amount of data is available for the case of cosine
and step-function heat generation at 2000 psia. Green(88) reports critical
heat flux data for a modified cosine axial heat fluxare thesame as for uni-
form axial heat flux. Green(88) also reports that for a step-function ("hot
spot") heat flux distribution, with a flux ratio of two, the critical heat flux
is equal to or greater than that for uniform heat generation. ANL data are
in agreement with this.

5.3 Conclusions and Recommendations

In view of the previous discussion, it is obvious that only the
most general and qualitative recommendations can be made. For the case
of subcooled water, the widely-accepted Jens and Lottes(8) equation seems
to be the best available:

QY = C (G)™ ATYH for G =1.0

where

H

QU = critical heat flux in 10° Btu/hr ft?
G = mass flow rate in 10° 1b/hr ft?
ATgub = local subcooling (Tsat - Tbulk) -F
C, m are pressure dependent:




P "CH "C"

psia "t (diam = 0.226 in.) (diam = 0.143 in.)
500 0.16 0.817 -

1000  0.275 0.626 0.915

1500  0.500 0.445 0.545

2000 0.725 - 0.300

The value of "C" appears to vary as the reciprocal diameter to

1
the 0.8 power <C = ——0——8-> for the two diameters represented.
D °

Because of recent evidence cited which indicates that flow in-
stability rather than the critical heat flux should be the design criterion for
the case of net steam generation, it is recommended that the existing liter-
ature be consulted for data from systems similar to the system of interest.
Extreme caution should be used in seeking to apply steam quality critical
heat flux data from forced circulation systems to the case of natural con-
vection circulatory units. S. J. Green et al. 88 presents the latest and
most complete compilation of pertinent data and correlations.




6. BOILING STABILITY

6.1. Introduction

There are several types of instability conditions connected with
boiling. The first type is the instability associated with a ligquid vapor inter-
face, when the liquid is located above the vapor. Two other types are as-
sociated with boiling water reactors and reactor-simulating test loops which
have both demonstrated unstable behavior under certain operating conditions.
The first type of boiling stability is important in studying the nature of burn-
out or critical boiling heat flux. The second and third type, however, are
considered to be of more importance for natural circulation boiling systems
since flow instability usually appears at lower heat fluxes than the critical
flux. Therefore, these discussions are limited to boiling flow stability
problems as applied to natural circulation boiling systems and reactors.
Reactor technology, in its present state, cannot predict either the dependence
of the oscillation inception point or the frequency and amplitude of oscillation
on operating conditions or design parameters. However, an experimental
test program using both reactors and hydrodynamic test loops has shown
certain trends in the dependence of oscillation on various parameters and
conditions.

Analytical work using the above experimental data has been
published. There is enough basic uncertainty of the cause and dependence of
stability that models used as a basis for the published analytical work are
useful only in predicting trends which can be compared with experimental
data and in approximate extrapolation of the performance of an existing
reactor to more siringent operating conditions. They do not give a consist-
ent theoretical understanding of stability nor do they allow prediction of
stability conditions in a reactor proposal during its design stages.

This discussion reviews the experimental program and analyti-
cal work associated with reactor and test loop stability.

6.2. Reactor Stability Experiments

The reactor stability experiments to date have been conducted
using two distinct approaches: tests where the reactivity is increased in
a step or ramp function and the response of reactor conditions (power,
temperature) is recorded, and tests where the reactivity is harmonically
oscillated and the resultant harmonic flux oscillation 1s measured.

Experiments using the first approach, i.e., a ramp or step
reactivity input, include the Borax and Spert series of tests.
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Borax(98-102) tests were of two types: (a) power excursion tests
wherein, with the reactor running just critical, a large reactivity was in-
serted and the reactor was allowed to run for a predetermined time before
automatically shutting down; (b) steady boiling tests, wherein the reactor
was run at a given power level reached by steady increase in the reactivity.
Typical traces taken during these tests are shown in Fig. 6.1. The results
from these tests may be summarized as follows:

1. Power Excursions:

With low reactivity input there was a large initial power
pulse followed by a drop in power as steam was formed to some low level
about which power fluctuated randomly. With higher reactivity input there
was a large initial power pulse followed by a power drop and then a series
of smaller power pulses separated by low steady power., This type of re-
sponse was called '"chugging.”

2. Steady Boiling Performance:

When the reactivity compensated by the steam was low, the
reactor settled down to random fluctuations about a steady state after an
initial power pulse.

At higher steam-compensated reactivity, the reactor
settled back down to pulses of oscillations; i.e., a group of oscillations,
then a relatively steady state until another group of oscillations appeared.
As reactivity was increased, the oscillations increased in amplitude with
less time between pulses until finally a state was reached with continuous
oscillations of varying amplitude. With still higher reactivity the power
pulses then went into an oscillation mode which after a time began to
diverge.

The general effect of a pressure increase on all these tests
was an increase in stability., Thus at a higher pressure level more reac-
tivity could be compensated by the steam without loss of stability.

Borax IV(IOZ’IO?’) was different from the other Borax re-
actors in its fuel assembly material and design. Whereas the first
three reactors had used aluminum-uranium alloy fuel elements with a
corresponding large thermal conductivity, Borax IV used fuel pellets of
mixed uranium oxide and thorium oxide having a low thermal conductivity.
Borax IV, with these fuel elements, exhibited a greater degree of stability
under similar conditions than did the other Borax reactors. These ele-
ments can apparently contribute to reactor stability under certain condi-
tions, At the same time, however, they will increase the center fuel
temperature and decrease the reactor protection against power excursions
by increasing the time for steam to generate.
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Fig. 6.1
Power Records of Oscillatory Boiling from Run 2, 10/22/53
201-593

The reactor was operating at an average power of 1100 kw at 130 psig, with 2.8% keff compensated by steam,

The upper record is from a Brown Electronik Recorder showing output of compensated ion chamber; zero is at bottom of chart.

The lower records are from a double pen brush recorder, c¢xpanding portions of the upper record as indicated. The lowest record includes the zero
power line as indicated. The record just above expands the amplitude of oscillation by a tactor of 5; the zero for this record is off the chart,
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The Spert reactor tests(101,104-107) were similar to the
steady boiling tests on Borax reactors. At the beginning of any particular
test the reactor was running near critical; then the reactivity was increased
at a linear rate to a predetermined point where control rod input of reac-
tivity was stopped and subsequent reactor behavior observed. The Spert
reactor and reactor test results were in many ways similar to the earlier
Borax test. The Spert tests however included an attempt to demonstrate
the stability dependence on various hydrodynamic effects.

The reactor tests were run with different water levels above
the core, with different flow characteristics as produced by blocking off
some oi the flow channels, and with different surfiace tensions due to addi-
tion of detergent.

Figures 6.2a and 6.2b show two tests run with different
water heights above the core but similar in other respects. These and other
tests show an apparent increase in stability with decrease of water height
above the core. As can be seen from these traces, however, the oscillations
are large and random with reproducibility small. Thus the conclusions
about water height are only qualitative and the slight quieting effect on the
tests where detergent was added must be treated as questionable until more
data supports it. There was no noticeable stability effect when some of the
flow channels were blocked off,
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Stability Tests with Different Water Heights

The second approach to stability uses a harmonically os-
cillated reactivity input and compares this with the resultant oscillation in
output power. By its nature this type of test is safer since the reactor does
not reach a point of natural oscillation. On the other hand the tests are more
difficult to perform and necessitate lengthy analysis.




This type of testing procedure has been used on EBWR,(lOS)
Borax IV,(log) and Valecitos Boiling Water Reactor,(110)

Results of tests of the four Borax reactors, Spert Reactor,

EBWR and VBWR represent all the experimental data on boiling water re-
actors and must be used as a basis for any boiling water reactor analysis.

6.3. Reactor Stability Analysis

The analytical work in this field has tended to follow the experi-
mental separation into excursion tests, and transfer function measurements
where the reactor was not subjected to self induced oscillations but was
forced to oscillate by harmonically varying the reactivity input.

The Borax experiments as mentioned previously were parameter
studies. There was very little analytical work done on the first three Borax
reactor test results and on the excursion test results from Borax IV.

A. J. Ulrich(111) investigated the heat transfer during power excursions on

Borax II.

Some work has been done by the Ramo-Wooldridge Corporation
in analytically predicting power transient results in the Spert I reactor.(112)
In this analysis six equations relate initial excess reactivity, reactor power,
excess reactivity, fuel plate temperature, steam volume in the core, volume
of water expelled by heating at the fuel plate surface and throughout the
volume of the water. These six equations, when combined with the reactor
kinetic equations, form a closed set of non-linear differential equations.

When solved by a finite difference method using a digital com-
puter these equations, including three adjustable constants, evidenced the
same general trends as the Spert experimental data. These three constants,
two of which are associated with voids and one with heat transfer, cannot
presently be evaluated due to lack of knowledge of bubble dynamics and
heat flow in transient boiling.

The equation set was also applied to special cases. When applied

to the case of small oscillations where the power is represented by a par-
ticular trigonometric series, the result showed that the divergence of oscil-
lations was partially dependent on the non-linear aspects of the equations.
Stability predictions based on experimentally determined transfer functions
would thus seem to be highly questionable.

The analysis of the forced oscillation tests has quite naturally
followed a transfer function approach. Thus, in the analysis of the three re-
actors that have been subjected to forced oscillations (Borax IV, EBWR,
VBWR) there is a heavy reliance on transfer functions.
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In the analysis of the Borax IV tests,(log) a single loop feedback
system with a single feedback transfer function was assumed. The feedback
portion was assumed dependent on a void reactivity feedback ky and an ef-
fective average time constant, 7. H, the feedback transfer function, was
evaluated from the experimental points and in turn furnished information on
ko and 7. Both kg and 7 followed expected trends with ky becoming more
negative at higher powers as more reactivity was invested in voids, and
T becoming smaller as steam and heat transport times became smaller with
higher flows. These first oscillations tests showed the practicality and value
of such tests on boiling reactors and led to more extensive tests on EBWR
and VBWR.

Eric Beckjord has attempted to analyze reactors using transfer
functions for the equations representing the various individual processes.(113)
This analysis uses no experimental data but rather uses a wholly theoretical
approach.

The following effects are assumed to influence the stability of
the core:

(1) Reactor kinetics
(2) Heat transfer using lumped parameter approach
(3) Steam voids (evaluated assuming a-f)

Constant feed water flow

Constant pressure

Constant slip

Constant water-steam equilibrium
Axial flux proportional to full power
No radial flux variation

e oo

(4) Steam flashing and condensation due to pressure variation

(5) Boiling boundary change due to pressure variation

(6) Boiling boundary changes caused by varying feed water flow
rate

(7) Water density changes caused by temperature variation

(8) Void changes caused by water acceleration

(9) Hydraulic oscilllations

The prediction of stability {rom a wholly theoretical approach
of this type is dependent on physical constants which are difficult to evalu-
ate, questionable assumptions concerning little understood physical proc-
esses inside the reactor, and an assumed linearity in the differential
equations. The resultant stability prediction, while valuable in showing
trends, is too inaccurate for satisfactory design of a reactor.




DeShong and Lipinski(l114) have analyzed the feedback transfer
function results from the EBWR forced oscillation tests. The raw data from
these tests were graphically handled to provide data smoothing. The re-
sultant, measured feedback transfer function was considered during the
formation of the model used in this analysis. The model thus formed differs
from the theoretical model of Beckjord's analysis by inclusion of a time
constant, apparently connected with the heat transfer process, which is
evidenced in the experimental points. Also, DeShong and Lipinski did not
find it necessary to include a hydraulic oscillation term.

Having defined a model, the experimental results were used to
evaluate the model time constants at each operating condition. The extrapo-
lation of the time constants was then used to estimate a point of instability.
The results of this extrapolation indicated the reactor would become un-
stable at about 65 Mw. At 61.7 Mw, the point of feedwater pump capacity,
the reactor flux record showed the reactor was on the verge of instability.

It was also found while conducting these tests that it is possible
to estimate feedback transfer function at higher powers and given pres-
sure by actual measurements at given power and lower pressure. Thus it
is possible to estimate results measured at twice a given power density
by measurements at the original power density and half the original
pressure.

J. Thie(“S) considered a smaller portion of the frequency
range and analyzed a different model in this range than either Beckjord or
DeShong and Lipinski. In the range considered this analysis results in
six time constanis: two associated with heat transport in non-boiling re-
gion, two associated with heat transport in the boiling region, one asso-
ciated with average subcooled water transit time and one associated with
average steam transit time. The results compare favorably with meas-
ured curves from EBWR This paper by Thie(l13) also outlines a promis-
ing method of statistically analyzing the random power fluctuations of a
reactor to furnish stability information about the reactor.

6.4. Test Loop Stability Experiments

Under certain operating conditions, with controlled variables
(power, make-up water temperature, pressure) held constant, electrically
heated natural circulation test loops are unstable. In the unstable region
of operation many loop parameters exhibit oscillatory behavior. Experi-
mental studies of this problem are currently under way at various research
centers, but published information is rather limited.

Raymond Viskanta(116) investigated oscillatory characteristics of
the Armadilia test loop,(lg) This loopuses a one-shot gamma attenuation
method(29) for measuring steam void fraction. Non-random fluctuations in the
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output of this void measurement were used as a primary indication of
instability; oscillations in the liquid level also indicated unstable behavior
of the loop. The power at the inception of oscillations in the system was
found at four pressures (75, 150, 250, 300 psig) with two additional vari-
ables considered, liguid level above the riser and flow restrictions in the
downcomer crossover,

Liguid level above the riser had no discernible influence on
stability. An increase in the flow restriction in the downcomer crossover
had a definite stabilizing influence. The frequency of oscillation (deter-
mined by the void measurement, liquid level oscillations and oscillations
in the pressure drop across the flow venturi in the downcomer) was con-
stant regardless of the conditions of the loop.

A series of tests were conducted on the 2000 psia loop at
Argonne National Laboratory(117) to find the inception of instability at
different pressures with two geometries. The continuously recorded
output of a differential pressure transducer connected across the venturi
flow meter in the downcomer was used to determine the stability of each
operating condition. (Fig. 6.3)

In an attempt to gain more insight into steady state equilibrium
conditions around a known unstable point the 2000 psia test loop was run
under forced circulation at conditions similar to the inception point with
the results shown in Fig. 6.4. All of the points shown are forced circula-
tion steady state runs with the same power, pressure and loop geometry
as the natural circulation inception point. Each curve is drawn through
all the points with one subcooling; the middle curve subcooling corre-
sponds to that of the natural circulation point.

Some general conclusions can be drawn from the sum of
Argonne National Laboratory natural circulation runs:

(1) Stability increases with pressure. (On the systems so far
tested the increase of stable power with pressure was fairly
linear.)

(2) Stability was influenced by geometry of the test section, riser
and downcomer circuit., The general trend seems to be that an
increase in the pressure drop in the two phase region of the
flow loop decreases stability, while an increase in the pressure
drop in the single phase region increases stability. As an
example of these trends, a decrease in the riser size has little
influence on driving head but greatly increases the friction in
the two phase region and decreases peak stable power. A flow
restriction in the crossover of the downcomer has a stabilizing
influence.
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Traces of Pressure Transducer Connected across Downcomer Venturi in 2000 psia Test Loop (1 in. dia.
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Pressure Drop as a Function of Inlet Velocity for a 1 in. I.D. x
48 in. Vertical Pipe with a ] in. I.D. x 10 ft High Chimney
111-8900

(3) Over the limited range of variation in the present equipment,
the stability was independent of the liquid level above the
riser.

(4) The period of oscillation did not vary much with variation of
other parameters on one test loop.

The hydraulic test loop at the University of Minnesota(118,119)
was a single loop with steam condensed while flowing as a two-phase mix-
ture in the crossover. Loop geometry was invariant during the tests. No
attempt was made to study the inception point of unstable flow; rather the
tests were devoted to studying the loop performance while the loop was
oscillating. The experimental information obtained from the loop was in
the form of temperature and flow-rate-time traces as shown in Fig. 6.5.
The period of oscillation was inversely proportional to the average flow
rate. The period of oscillation was much longer (in the range of 50-200 sec)
than those mentioned in available information from any other test loop.

Westinghouse is currently engaged in an experimental and
theoretical program investigating flow stability in heated channels. This
program was discussed at a Hydrodynamic Instability and Two-Phase
Pressure Drop Session of the National Heat Transfer Conference held at
Storrs, Connecticut during August of 1959. An abstract of this discus-
sion(lzo) mentioned briefly the experimental apparatus, stating that stability
was measured at a variety of conditions of inlet flow and subcooling at
system pressures ranging from 600 to 1600.
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System parameters (plate temperatures, channel pressure drop, channel
inlet flow rate) were measured by fast response transient instrumentation.
Slides shown during the session gave experimental points on an exit quality
versus fl/D basis where the f is a friction factor for two phase flow.

Ramo-Wooldridge has an atmospheric pressure test loop mocking
up the Spert reactor. This loop is instrumented with an x-ray attenuation
method for void measurement, a turbine meter for flow measurement and
standard loop instrumentation for temperature and power.(12’1)

Using a £10% variation in pressure drop across the test section
as the criterion of stability, General Electric ran stability and burnout tests
on a natural circulation heated annular test loop with two geometries and
control of inlet subcooling.(95) In addition to standard flow, temperature,
pressure and liquid level measurements, four variables (AP across test
section and downcomer orifice, temperature of inlet water and internal
heater surface) were recorded on fast acting recorders (Fig. 6.6). Results
from these tests are:

(1) Increased subcooling caused decreased stability.

(2) An increase in flow area caused by decreasing the center,
heated portion of the annulus caused an increase in the total
flow rate of the loop and a decrease in the stability. Note: For
a given subcooling the larger flow area has a lower exit quality,
thus a lower void fraction throughout the loop. With less driving
head and less boiling length in the test section, the larger area
test has less two-phase friction and more single-phase friction.
At the same time the larger area system was more unstable.

(3) The effect of a restriction in the downcomer was to decrease
total flow rate of the loop and to increase system stability.

Due to heat losses in the system it was impossible in most cases
to operate at constant inlet subcooling on the rising portion of the velocity
VS power curve.

The preceding experiments give a rather limited amount of ex-
perimental data to use when investigating the validity of any analytical ap-
proach to the problem. Specifically, the 2000 psia loop at Argonne, the
Minnesota loop and the loop at General Electric gave time traces of system
parameter oscillations showing frequency and amplitude of oscillation. In
addition some general conclusions about stability effects can be drawn from
the tests:

(1) Increased system pressure has a stabilizing influence.

(2) Additional flow resistance in the downcomer portion of the flow
circuit has a stabilizing effect.

(3) Decreased subcooling has a stabilizing influence.
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6.5 Test Loop Stability Analysis

The ability to predict the dependence of the inception point,
frequency and amplitude of oscillations on system parameters is the goal
of analytical work in this field. Two types of approaches have been used
in previous and current attempts to analyze this problem. The first ap-
proach is that the general equations of the system, such as the energy,
conservation of mass and momentum equations are solved with the resultant
solution indicating the influence of system parameters on stability. The
second approach is that some controlling phenomenon such as an extremum
in the pressure drop vs flow rate curve is assumed the only phenomenon of
importance, and system stability is evaluated by investigation of factors
affecting this phenomenon.

Although the first method is obviously more general, the extra
generality is accompanied by an increase in the complication of problem
solution. The necessary simplifications for the solution of the general
equations might mask the effect to be measured. If this is the case, the
second approach will lead to more useful results. In the following portion
of this discussion the two published approaches of the first type will be
reviewed. In addition, a variety of single phenomenon which conceivably
could cause oscillations will be considered. Where possible, the resulis
of these analyses will be compared with experimental data.

Westinghouse(lzo’lzz) using the equations of continuity, energy
and momentum obtained a transfer {unction between the mass flow rate and
the heat flux. It was necessary, during the derivation of this transfer func-
tion, to assume:

Parallel flow channels,

Constant pressure drop across the channel,

Constant inlet subcooling,

Homogeneous flow model for calculating pressure drop.

I

1
2
3
4

The conditions of stability of this transfer function enables prediction of
the frequency and exit quality for given hydrodynamic conditions in the
tube. To be specific, two equivalent statements of the stability criterion
are shown by the following equations, giving exit quality and exit enthalpy
necessary for flow oscillations-

- b —_— 6.
*e Vig D ! vi/Vg + x 6.1)
he v 2x
i
he -_fg 1 —%‘- tla——"—{+ho . (6.2)
Vfg Vi'{/Vg + x
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The frequency wp is given by the equation:

2
£V2 v g 2Ve fv \p
2 -5 LY 4 . —_— e !
epn=27p5 T4 L7 (Ve‘V1)+<L- — - 315/ (6.3)

or approximately:

i
wnz,\A_; v (6.4)

Nomenclature in the above equations is standard, except as
follows:

he - Enthalpy at channel exit
f

Two-phase friction factor

Coolant velocity at channel midpoint

v
Vi - Coolant velocity at channel inlet
v

e - Coolant velocity at channel exit.

Experimental verification of this model is claimed on the basis of correct
prediction of experimental trends. Attempts to absolutely prove this model
and most of the following analytical models are hampered by lack of knowl-
edge of other aspects of two-phase hydrodynamics. Without adequate knowl-
edge of relative velocity between phases, two-phase flow regimes and
two-phase pressure drop, most of the analytical approaches which include
these parameters can only be expected to predict trends. Lack of knowledge
of two-phase friction factors(123) makes present verification of this model
impossible. The slides, shown at the ASME Heat Transfer Conference,
show the experimental data to fall considerably below the prediction and

to fall about a line with a larger slope than predicted on a xg vs fL/D graph.

E. H. Wissler also used a rather general approach in his
thesis.(119) General energy, momentum and continuity equations were
derived in vector notation including two phases with a discontinuous inter-
face. These equations were applied to a model embodying the following
assumptions:

(1) Steam and water are in equilibrium at any cross section.

(2) Each phase has a well defined cross sectional area at any
position and time.

(3) Across its area each phase has a uniform velocity except a
wall where velocity equals zero.

(4) Assumption three implies that the frictional force does no work
on the fluid (thus no friction term in energy equation but fric-
tion force in momentum equation).
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The resultant three equations were simplified by use of a defined
mean density, mean velocity, mean energy, momentum transfer rate and
energy transfer rate. The equations were then placed in a finite difference
form, but since the finite difference equations would not converge, this ap-
proach was abandoned.

A one phase, open ended loop was analyzed using Laplace trans-
forms and it was concluded:

(1) The oscillatory force must be generated in the riser.

(2) For oscillations to occur the fluid coefficient of expansion must
exceed a certain value which is dependent on friction.

(3) Oscillation period equals fluid residence time in heater and
riser,

From this analysis the conclusion was drawn that even in a two-phase,
closed loop the period would be dependent on the geometry and the mean
velocity.

This analysis was extended to a two-phase, closed loop and the
resultant differential-difference equations when solved on an analog com-
puter gave a time plot of flow rate with periods of oscillation roughly
equivalent to experimental values.

The only quantitative values in this analysis dealt with periods
of oscillation. No attempt was made to predict the inception point of
instability.

The oscillations measured by Wissler are qualitatively and
quantitatively different from those measured at General Electric and Ar-
gonne National Laboratory. Wissler's periods are long (50-200 sec) with
steady amplitude and often non-symmetrical shapes. The other two loops
show flow traces with two distinct periods; a short period (under 5 sec)
and a longer period (50-100 sec). In general, these flow traces are quite
similar to the power traces of oscillatory reactors.

In the second analytical approach to frequency prediction, Ray
Viskanta(119) has considered the oscillation period and compared this to
the period of natural oscillation of the hydraulic loop. Using LaGrangian
equations of motion, a natural oscillation frequency of the two-phase test
loop was calculated.(116) The calculated frequency, and the experimental
ifrequency, from the Argonne National Laboratory test loop agreed very
favorably. This approach, however, makes no assumptions to the underly-
ing cause of instability and does not preclude the possibility that the good
agreement obtained was due to chance.




Apparently, the {irst and most widely known analysis assuming
the cause of unstable behavior to be a single phenomenon was the equation
of unstable behavior with an extremum in the pressure drop, flow rate
curve. Various papers using this approach have been published.(124-126)

As shown in Fig. 6.7 the power at which a decreasing pressure
drop with increasing flow first becomes evident was thought to be the power
where a given system becomes unstable.
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An early paper using this approach was published by
M. Ledinegg.(124) In 1938, M. Ledinegg analyzed the pressure drop char-
acteristics of a boiler tube in forced circulation by considering only friction
and momentum pressure drop. For this particular case, the buoyancy
effects and entrance losses were considered to be small compared to the
friction and momentum pressure drop.

The friction pressure drop in the preheating zone was given
as
fL,W?
AP =

e (6.5)
2gDA% ¢

and the mean density in the evaporating section was defined as the recipro-
cal of the mean specific volume




1 1 L
==v= T todan . (6.6)
p t 0 L,

Considering a uniform heat input, the steam flow weight ratio
(pounds of steam flowing per pound of mixture flowing( is a linear function
of length, so that

1 *e
Vo= = vdx . (6.7)
X
€ Jo

It was also assumed that the steam velocity was equal to the
water velocity, so that v = v¢ + XVig-

The mean specific volume is then

x x
-1 € N e
v = 'X—/ (vf + vag) dx = vy +—2— Vig . (6.8)
€ Jo
The boiling friction drop is

fW?2 *e Vig
A =z ——— (L e -} . 6.
P AZZgDpf( t - Lo) {l 2 g (6-9)

The acceleration or momentum pressure change may be found
from a force balance to be

2 v
AP = V;’X (——fg—) . (6.10)
Apfg Ve

Combining Eqs. (6.5), (6.6), (6.7), (6.9), and (6.10), the total
pressure drop is

2
Pz ———e Lo + - ] +— + . 6.11
ZeDA%; [ o (Ly Lo)< 2 v AT, (6.11)
From a heat balance of the boiler tube
Q = W[Ah + xh ] , where Ah = h_ - h, . (6.12)
fg f in

It is also noted that the relation between preheater length and
total tube length is

Ly = E%I—Iit . (6.13)
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Combining Eqs. (6.11), (6.12), and (6.13) and eliminating "x,"
yields a single pressure drop relation in terms of pressure, geometry,
power and mass flow rate.

14 ) / Ahvfg QVfg > W3Ah2vfg
= =+ +
AP 24DpfA* w (l hf_ VE w 2hfg Vi 2Q hf, Vi

g
WQvy W#Ahvig
t Z g v Z
piAghs v pfAghfgve

(6.14)

The condition for the onset of instability is defined mathemat-
ically as

dAP _ 0
dw
If Eq. (6.14) is differentiated with respect to W, and the differ-
ential is set equal to zero, the result is a quadratic equation:

W2 - aW+ =0 (6.15)
where
fL, /2Ahvy 2Ahv
2'1t3< h = - f)+ hf
q =B fg gnfy (6.16)
3Ah%vf fLt
4gDhfg Q
and

Vig Q <th , 1 >
g

g = hfg \4gD (6.17)
30hZvigfLy
4gthgQ
The solution of Eq. (6.15) is
-2 47
wo===2 T~ B . (6.18)

For stable flow, the root expression is imaginary, and only one
value of W is possible. For unstable flow, the root expression is real, and
three values of W are possible for a given pressure drop. Under these
conditions, a parallel flow arrangement of tubes would exhibit an unstable
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condition; that is, some tubes would operate at flows different from neigh-
boring tubes. It is also true that depending upon the shape of the AP versus
W curve, some tubes may have flow rates changing as a function of time.
The conditions that describe the onset of instability may then be defined as
all cases for which

a z=2./F . (6.19)

Referring to Eqs. (6.16) and (6.17), the condition is then

A = AB (6.20)
asl  fiafiasl
g 2 \2 g
where A is the geometry function
£l .
= ——— '2
275 (6.21)
and B is the pressure function
Vi
B=[— hfg . (6.22)
Vig

Figure 6.8 shows Eq. (6.20) as a function of pressure and
geometry. Several interesting conclusions can be drawn from Eq. (6.20)
which are also evident from Fig. 6.8.
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(1) At low values of A, the amount of subcooling that can be
tolerated is almost a linear function of A, The lines in
Fig. 6.8 at low A have a slope of approximately unity.

(2) At high values of A, the amount of subcooling that can be
tolerated is independent of geometry and has a limit

\2
b= 746 (= )hey (6.23)
Vfg

(3) At all conditions, the amount of subcooling that can be
tolerated is directly proportional to B, which in turn is
almost linear with pressure. Therefore, the tolerable
subcooling is almost linear as a function of pressure (see
Fig. 6.8).

The case of boiling in natural circulation with relatively short
channels presents a different problem, since the buoyancy forces cannot be
neglected. If the relative velocity of the steam is neglected (equal steam
and water velocities) then the buoyancy term is:

L —LO X v
AP = pslo+ ——1In <1 T —f&> . (6.24)
Xe Vig 2 \&

Equation (6.20) gives the lower limit of the buoyancy forces.
The upper limit can be calculated assuming a linear change in density
with length. For this case,

pft p

If either Eqs. (6.24) or (6.25) is added to Eq. (6.14) after
eliminating "x," and the combined equation is differentiated with respect
to W, an equation is obtained which is difficult to solve for the stability
condition.

Although analysis leading to the stability criterion in Fig. 6.8
is based on a forced circulation system, the conclusions mentioned above
seem to fit the experimental results for natural circulation stability tests.

The reason for this is not firmly established, but it may be
argued that in the region of instability, the change in the buoyancy term
which is a measure of the pumping head is not greatly affected by a change
in mass flow rate, while the friction and momentum changes are greatly
affected. Thus, the system acts as a forced circulation system with the
constant driving head equal tothe head of water, in the downcomer. It is




also interesting that the combination of Eq. (6.21) and conclusion (1) lead

to a result quite similar to that of the Westinghouse analysis. (See Eq. 6.2).
In this range, both approaches show some enthalpy (exit enthalpy in the
Westinghouse approach, inlet enthalpy in the Ledinegg approach) at which
the system goes unstable as a linear function of fL/D.

While all these results seem to lend credence to the basis for
this model, the results of the forced circulation tests at Argonne National
Laboratory (Fig. 6.4) show this is not the cause of the oscillations in the
2,000 psia loop. In these tests, pressure drop across the test section and
riser, measured while the loop is operating in forced circulation with the
same inlet subcooling and power as a natural circulation unstable run,
show an increasing pressure drop with increasing flow rate.

The effect of power input on recirculation rate in a natural cir-
culation system is shown in Fig. 6.9. Some investigators(127) have assumed
this peak recirculation rate marks the last stable operating point and oper-
ation on the downward portion of the velocity curve is unstable,
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on 2,000 psia Test Loop (1 in. dia.
Heated Section and Riser)
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It is instructive to again look critically at the flow oscillation
traces from General Electric and Argonne National Laboratory tests. As
previously mentioned, there is evident in both these traces two oscillation
frequencies, a small period, continuous oscillation whose amplitude varies
with a much larger period. While General Electric used as a criterion of
instability the rather arbitrary point where pressure oscillations due to
the continuous small period flow oscillations reach T 10%, Argonne workers
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have used variations in the larger period as a measurement of instability.
The point at which the large period oscillations become definitely unstable
is quite sensitive to system parameter changes. This should result in better
reproducibility in experimental data than General Electric obtained in their
published points.

Since General Electric always operated on the downward sloping
portion of the velocity power curve and always had the random small period
oscillations it might be possible that these oscillations show up after passing
the maximum point of the curve and build up in amplitude as the system
progressively deviated from this peoint. However, if differences in the longer
period oscillations are used as a stability criterion the maximum point of the
flow rate power curve would not correspond to inception of instability as
systems have operated stably well past this point of the curve.

One of the models of instability mentioned by General Electric

group considers static head potential energy. Quoting directly from
GEAP 3215:(95)

"A second model for vertical two-phase flow kinematics is based upon
the potential energy of the static head. If a flow loop is operated in a
condition of equilibrium, the steam velocity will exceed the water ve-
locity by a particular amount, and a nearly uniform fraction of the
channel volume will be occupied by steam. The natural circulation
driving head is the steam volume fraction times the vertical height
times the difference of water and steam densities. Now, if equilibrium
is disturbed at the base of the loop by a change in heat addition, or a
change in inlet water velocity, a different slip velocity is to be expected.
As a consequence, the steam volume fraction will also change. In gen-
eral, the steam volume fraction is not altered instantaneously across
the riser, but changes progressively up the riser with the average
velocity of flow. Consequently, the driving head changes, but the total
effect is delayed by the fluid transit time up the riser. The general
equation describing the model is

T

%%%— aVZ+bV+f f[Q, V{E-1)]ldr -c=0 (6.26)
0

where

V = inlet water velocity
T = fluid transit time across riser
volume fraction dependence on the inlet velocity and
heat input
Q = function of heat input
a,b,c = loop friction loss and height parameters

(=)
1

il
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"Conditions of instability can be derived from this equation which
result in relations between a, b, f, and ¢. The fundamental period is
approximately % T. The instability can be controlled by increasing
the loop pressure drop at the inlet or in the downcomer, which in-
creases the value of a and b. Control may also be possible by in-
creasing the riser pressure drop, but in some cases this course
would affect the function of f, so that improvement would not neces-
sarily result.

"Comparison of the measured loop period with the predicted value
is satisfactory. The average riser fluid velocity is between 6 and

8 ft/sec; the riser height is 15 ft and hence the transit time is be-
tween 2 and 2% sec. The observed period is about 2 sec. The kine-
matics of this model, furthermore, are in general agreement with
test results obtained in a natural circulation loop at the University
of Minnesota.{118,128) The model has, however, a serious draw-
back. Unless the precise nature of the function f is known, the
thresholds of instability with reference to heat input, loop pressure
and inlet velocity cannot be predicted. Attempts to predict thresh-
olds by means of slip velocity correlations, or correlations of steam
volume fraction versus quality curves have not been successful to
date. The model, therefore, leads to two alternative conclusions:
eitherits kinematics are wrong, or the kinemalics are right, and
present knowledge of the mechanics of the two-phase flow is
inadequate."

Again we are faced with the problem of insufficient proof due to lack of
knowledge of two-phase hydrodynamics.

A second instability model proposed in the General Electric
report is based on Levy's momentum equations for two-phase flow. Quoting
the portion of the report which deals directly with this model:

"The third model to be considered is concerned with flow mechanics

and flow pattern instability (129) 1t deals withthe causes of instability
rather than its propagation. It is based on equations derived by Levy°(130)
His approach is to examine the energy transmitted by shear forces at

the steam-water interface, and at the fluid-channel interface. When the
shearing energy received by one fluid exceeds its ability to dissipate

that energy at the channel wall, the excess appears in the form of

eddies or slugs.

"For the momentum model of reference(130), the following equation is
obtained:*

(dP/dy)prp  (dP/dy)Tp

PL - Pg .
AL.75 g
(dp/dY)o - (dP/dy)LSP 1-x) a sin o (6.27)

(-dP; dy)o

*Similar equations can be obtained for other steam slip relations.
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where

(dP/dy)LTP = net pressure losses of water in two-phase flow (made
up of losses at wall and interface)
(dP/dy)o = pressure loss for 100 percent water flow
(dl7dy)Tp = two-phase pressure loss
(dP/dy)1,sp = pressure loss for water flow alone
x = steam {raction by weight
py = water density
Pg = gas density
o = steam void fraction
8 = inclination angle of channel from horizontal

Eddying occurs when the left hand side of the above equation is negative."

If the phenomenon of instability is really due to this eddying effect in the
boundary layer it would seem a discontinuity should appear in the pressure
drop characteristics of the two phase segment of the loop, as the loop ap-
proaches an unstable operating point. The series of forced circulation points
taken at and near the instability inception point of the Argonne 2,000 psia
loop fail to show any pressure drop discontinuity (Fig. 6.4).

Other models based on the idea of a change of two-phase flow
regime would be faced with the same experimental fact and would seem to
be invalid.

The results of some early experimental work done at Argonne
National Laboratory showed it was possible in some systems to generate
steam at a higher rate than could be removed in any steady flow state.

Figure 6.10 shows that for the given system, steam was gener-
ated at such a rate that steady flow is impossible under any conditions. The
upper curve shows measured values of forced flow pressure drop which are
all greater than 46 inches of water, which in the natural circulation case
represents the available operating pressure differential. Such a power
level would cause a chugging or pulsing flow. The characteristics of this
type of flow are:

(1) violent expulsion of water by steam from the top or from both
ends of the heated channel,

(2) re-entry of water into the empty channel: and then

(3) expulsion again, and then again

(4) re-entry, etc.

Although this phenomenon was apparently the cause of unstable behavior in
this particular apparatus, it cannot be the general cause of unstable behavior
in all loops as experimental results from the 2,000 psia loop do not show the
discrepancy between forced circulation pressure drop and available natural
circulation driving head at an unstable point (Fig. 6.4).
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Two more phenomena which could lead to unstable loop cpera-
tion will be briefly mentioned.

Sonic velocity of a two-phase mixture becomes quite low under
certain quality and pressure conditions.(131) It seems conceivable that
some sort of a sonic velocity choking effect could become important at the
operating conditions and velocity in a test loop.

Smeall, random, velocity fluctuations when combined with con-
stant make-up water flow rate cause variations in downcomer density and
subcooling. The effect of these subcooling variations on the driving head
and pressure drop in the two-phase region should in turn cause another
velocity fluctuation. The amplitude of the second velocity fluctuation would
be dependent on the hydrodynamics of the two-phase system. It seems
ccnceivable that at some power the hydrodynamics will be such that the
feedback circuit (velocity to subcooling to velocity) will just reproduce the
original velocity fluctuation, thus causing the loop to oscillate.

6.6. Stability Considerations in Reactor Design

The initial boiling reactors were designed as feasibility experi-
ments. Based on early boiling experiments(l32) which showed that large
power densities were possible in a boiling reactor,the first Borax reactor
was built to investigate the influence of boiling turbulence on reactor
stability as well as other feasibility considerations. The experience gained
from this reactor combined with information from further heat transfer
and fluid flow experimental information was used as a basis for the design
of the second Borax reactor.
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This design procedure which has been quite generally followed
has three important aspects.

(1) New reactors are designed similarly to earlier reactors so as
to use experience gained from these reactors.

(2) The effects of changes on previous designs are roughly accounted
for by parameter studies which indicate trends. Radical changes
of an important nature may be experimentally checked on exist-
ing reactors or test loops before incorporation in large new re-
actors. As an example, the effects of elements with long thermal
time constant was checked on Borax IV before EBWR was
operated.

(3) A large factor of safety is included to account for variation.

The logical first step to a better design criterion for reactor
stability is investigation of test loop stability. It seems doubtful that a re-
actor could operate stably where a test loop mock-up of the reactor is un-
stable though it is possible that the coupling between reactor steam voids
and reactor power causes reactor instability at lower heat flux than the
heat flux causing test loop instability.

Similarity of unstable flow traces in a natural circulation loop
and unstable power traces in a reactor certainly points to a hydrodynamic
basis for reactor instability.

Further credence is lent to the idea of the hydrodynamic basis
of reactor stability by the operating experience of EBWR. Hydraulic loop
tests on a system with geometry similar to the flow path in EBWR showed
that an instability threshold existed at an exit void fraction of approximately
0.75. The exit void {raction in the maximum power EBWR fuel element at
61 Mw was estimated to be 0.70. EBWR approached both exit void fraction
of 0.75 and unstable behavior of 61 Mw operation.

6.7. Conclusions

The experimental information in the field of reactor and test
loop stability is sparse. Analytical procedures in this field are still in a
preliminary state. This undeveloped state necessitates a large factor of
safety in the stability considerations of proposed reactor design. The large
factor of safety causes overdesign of reactors which are inherently limited
in power removal by stability limitations. These limitations become more
critical when an apparent connection between burnout and stability is
noted.(133,95,117) A more precise method of prediction of stability is im-
portant to the future development of boiling water reactors.




7. CALCULATION PROCEDURES FOR BOILING SYSTEMS

7.1. Natural Circulation System Analysis

A natural circulation system is one in which fluid flow is derived
through a density potential existing between vertical segments of the system,
commonly referred to as the riser and downcomer. The density differential
may be induced by a variety of methods, such as maintaining a sufficient
temperature difference by heating or cooling one of the legs, etc.

Of particular interest with respect to boiling reactors is the
system where sufficient heat is added to one leg to cause boiling of the fluid.

Analysis of such a natural circulation system is complicated by
the interrelationship existing between various system parameters such as
power, steam volume and weight fraction, circulation velocity, subcooling,
etc., and plagued by inadequacy of information on two-phase flow concerning
the relative velocity between the steam and water phases, fluids, etc. The
basic research in the field of two-phase flow continues in an attempt to pro-
vide sufficient information on the above-mentioned problems that can be
utilized in making a competent hydrodynamic analysis on natural circulation
systems.

An analytical procedure for calculating the performance of a
natural circulation system is presented, whosc development was aided by
comparing numerous data obtained from laboratory tests on natural circu-
lation systems with varying geometries. The laboratory tests werec required
to establish the validity of a number of assumptions made in the analysis.

An analysis of a basic simple natural circulation system has
been given by Lottes and Flinno(lg) However, the authors did not account
for various riser heated section geometries which tend to complicate the
problems considerably, nor did they account for the effect of subcooling
which becomes increasingly imporiant at higher pressures. Therefore, a
very general analysis was made that could be applicable to the large major-
ity of systems. The analysis for the natural circulation system is then
modified for application in a forced circulation system.

1. Hydrodynamic Analysis

In a natural circulation system
SAP =0, (7.1)

which states that the summation of the pressure drops, A P, around the
closed loop, consisting of riser and downcomer, must be equal to zero.
The total pressure drop over a differential length may be obtained as
follows:
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From a force or momentum balance,

=7y dt

-]
[ QW]
—

Applying Eq. (7.2) over a differential pipe length depicted below,

P+ 4apP

7/‘ ]
]
L+ dL
2
2
Fgravity ?
L
] L
T TW/
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Simplifying
D d
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4
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2
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Also, substituting T = v R
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g ve dL
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where f is the Moody friction factor, and v is velocity.

b de = de + dPhead + dPacc

The total pressure drop over a differential length there-
fore may be written as a summation of the frictional, hydrostatic head and

acceleration components:

(7.3)

A basic natural circulation system is schematically illus-
trated in Fig. 7.1.

Fig. 7.1

Basic Natural Circu-
lation System
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The system is broken down into various segments which lend themselves
Equation (7.3) is applied to each section individu-

conveniently to analysis.
Starting at point

ally and then a summation is made to satisfy Eq. (7.1).
UP (Fig. 7.1) the loop may be divided into the following sections:

(1) Contraction from Upper Plenum

DT DT DT
b dp Head + dPgcc t dP Friction
UP UP UP
DT DT .. DT
= £ pr dL + pr =4 dPp o iction
Ec UP UP Ec UP

By definition for a contraction,

DT v2
- DT
AP priction ~ KCUp i 20 ’

UP
so that
DT DT 2Dt
- = 5 L + + K Pf —Dl
P sc 1t il cup  2g
UP UP gc | yp c
or, since LpTt = LUP s
V2 2 V2
DT Uup DT
P - P =P - + K Pt
UP DT f{: ch ch CUP ch

Simplifying, since Vyp << Vpp ;

Also from the continuity equation
VDT AD PDT = Vsat AHS

Thus

2

2
., Ays Pg
VDT T Vo sat
Apt/ \PDT




Since pg = PpT )

.2 AnsY
VDT ~ Vsat Ap

—

Equation (7.4) thus becomes

or

where N; = (Ans AD)2 of o1+ KCUP}

(2) Downcomer

DB DB
dP dPHead dPgce * dPpriction
DT DT
g DB vdv DBf *DodL
g_ R G b D g Dp
DT =C DT <
Integrating,
DB B - | D = DB
g = v B VD
-|P =g |b o |5 *ip fp s (&
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Since vpp = VDT T VD s
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- = - - == D -
DT ~ *DB D (LpT DBJ . bp 2g. |-PT - DB

Substituting
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there is obtained

_ g
Ppr -Ppg == fp |LpT - LDB =
v A 2 ( )2
D 2. \Ap D Dp DT DB
or
?Z
sat
PpT - PpB = - #p |LpT - LpB| =+ 5o [N2] (7.6)
gc g¢

with N, = fpy (Ans/Ap)? (p/pPp Dp) (LpT - Lpg)

(3) Expansion from Downcomer to Lower Plenum

LPB L.PB 1.PB LPB
- dp = dPpeaq * dPace T dPpiction
DB DB DB DB
LPB g LPB vdv LPB
= PD go dL + Pp —— ° dPEriction
DB c DB ec DB
As for the contraction, we define
LPB
dP =Kp P V%)B
Friction & D
DB LPB ch
and, noting that L pg = Lpg
LPB LPB Z
P =p v + Kg DB PD
- =Pp |—
DB 2g. DB LPB 2g.

or

VZ VZ 'V'Z
LPB DB DB

P - = - —_— P
pB -~ FLpB = PD 2. Zs.| "KELPB Zg, 'D




Substituting

2
2 )
VLPB VDB (AD, ALP)

and

2
DB sat Ap ‘ﬁD ’
there is obtained

2
Vsat

r—
-1
-1

Mo

Ppg - Prpp = [Ns]

bc
with N3 == (_{XHS AD)Z (f f i D)2 [x D ([i\D/ ALP)Z =D t KEL‘PB]

(4) Lower Plenum

LPT LPT LPT LPT
- dP = dPryaaq * dPgce * dPpriction
LPB LPBE I.PB ILPB
LPT
. v
i " D

-

[
&

gc

¢l

f1p
LPB Dvg Dip

f D dl. +

LPB LPB

f 2 dL
.PB

Since there is no change in area, and hence fluid velocity,
and the diameter of the lower plenum is so very large.

P1pp - Prpr " lg g) D [LLPI“ - LLPB] . (7.8)




(5) Contraction from Lower Plenum

[ HSB [HSB [HSB "HSB
- dp = dPHead t | dPFriction * | dPacc
J LPT J et J LPT J LPT
(HSB HSB HSB ae
= ” £ pp dL *’f dPpriction ‘if PD %}-
JLpT Sc LPT LPT gc

Assuming Ly pr = Lyygp and defining

HSB V;ISB
dPFrlCthH = KCHSB Zg ;QD 3
LPT <

S

there is obtained

HL T
R VHSB
PLPT - PHSB = Fp _2—;;— + KCHSB 2.g )
c| LPT c
vé va v
) [HSB LPT] HSB
- - L K —
D "2g, 2g. | CHSB 2g b
Substituting
2 = 2 )y 2
VipT ~ Vs Pas Arp)
and

2 - 2 , 2
VHSB = Vsat (pf,f AOD) s

there is obtained

or

with Ny = (pf/pp) |1 - (Aggapp) + KCHSB]

7.9)
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2. Nonboiling Region

Since a large fraction of the nonboiling region mavy be in
local boiling, the question immediately arises concerning the length of the
local boiling region and the uncertainty in the distribution and magnitude of
the local boiling voids. For the purpose of this analysis it is tacitly assumed
that the local boiling voids adhere to the wall and therefore do not decrease
the density of the fluid. The acceleration pressure drop due to the pres-
sure of local boiling voids will be neglected here and incorporated into a
total void acceleration pressure drop calculation in the boiling section.

The inception of local boiling and hence the length of the
local boiling region can be estimated in the following manner. The wall

temperature in the local boiling region is calculated using the Jens-~Lottes
equationz(s)

0.25/ /
) q / P 900
ATsat - 60 <m> / e

4

/
and the value plotted on a temperature length graph as illustrated below.

!
Inception of

Local Boiling
|

/- Wall Temperature

|
|
|
l[ Toat }ATSM
|
|
|
[

\ Fluid

Temperature

I
I
l
|
I

Inception of
Net Boiling

|
1

length

The wall temperature in the nonboiling region is then cal-
culated by

- = L
TW’ Tf q h

3

where h is given by the Colburn equation

k
h =0.023% (Re)"-8 (Pr)0*




The temperature in the nonboiling region is also plotted vs the channel
length and the intersection of the two wall temperature profiles is desig-
nated as the inception of local boiling.

Having established the length of the local boiling region the
total pressure drop across the nonboiling region can be computed in the

following manner:

sat sat fsat 1B
- dpP = dPHead +J dPgcc T dPyriction
HSB HSB HSB HSB
sat sat g sat vdv
+ daP . L. = —= PdL + P —
Friction
LB HSB ¢ Hsp Sc
LB 2 sat 2
v 0 - v P
+ fryg—— = dL + Rip fpgga— =
usp  “€ PHS LB “g Ps

where ﬁ_LB = ratio of the local boiling pressure drop at the total flow rate,

AP1p/APgp

It should be noted that the density o, friction factor f, and velocity v (in-
directly) are functions of the temperature and hence length. However, for
all practical purposes an average density, velocity and isothermal friction
factor based on a mean temperature of the fluid in the various segments
can be used for calculating the pressure drop due to friction and head loss
unless extreme conditions are encountered, such as near the critical point.
The acceleration integral can be expanded by substituting

G = pv = constant
and
Gdp
dv = - P
Therefore,
sat sat sat
— G? P
- dP = i p NB dL R 9—5.
HSB Ec HSB gc J HSB
3 v sat
- = LB LB
+ 'OLB RLB et dl.

28. PHs /1

viB LB
oNB L dL
"NB “2gc Dus Jygp
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Simplifying
P -P,,, =5 Byp (L at‘LHSB)+9‘Z'“ L.
HSB sat gc N Lg o0 pf pHSB
-2 A
Rf vsatf (L L )
PNG Zg. Dpg LB ~ “HSB
2 VZ
P sat
Rypfrps 5o b (LLe - Luss)
"1 "LB ‘LB 2g0 Dyg L S
or

2
P CPo = (L - Lier) Fam 225 N, + NG+ N

(7.10)
3. DBoiling Zone

A simplified analysis of the two-phase flow regime can be
made by writing a force balance on a differential element in the boiling zone
where there is a transfer of mass between the two phases, as depicted below.

% P+ dP 7
W + dW W + dW
g T dAg A+ dA
Fgravity Fgravity
é aw
g
dWy /]
i b
A
g ? A
Wg W
P
4 /
V 7

Efriction friction
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The assumptions made are:

(1) The pressure is constant across any plane normal to
the direction of flow.

(2) The sum of the areas at a plane normal to the direction
of flow occupied by the gas and liquid phase equals the

total pipe area.
A force balance on the gas phase yields

PAg - (P +dP)(Ag + dAg) - dFyg, - (A, dL pg * de)(g/gC)

= (l/gc)[(Wg + <.wvg)(vg + dVg) - Wy Vg = AW,V |

F¢, is defined as the force expended by the gaseous phase

in overcoming friction. Simplifying,

PAg - PAg -PdAg - A, dP -dPdA, -dFfy - Ag dL 0, (g/gc) +dW, (g/8c)

= (1/g¢)[wg Vgt WgdVy +VgdWg +dWg dVg - Wy Vg -V dW ]

or, neglecting terms of second order,

-PdAg-AgdP-dFy, - A dL py (g/gc) - AW (g/gc)

= (1/g.) [Wg dVg + V, dW, - Vg dW,] . (7.11)

Also, a force balance on the liquid phase gives

PA, - (P+dP)(A, +dA,) -dFy, -[A, dL p, +dW, ] (g/gc)

= (1/g ) [(Wy, +dW,)(V, +dV,) -V, aw, -W, V]

Again Fyy is defined as the force expended by the liquid
phase in overcoming friction. Simplification yields

PAy -PAj-PdAy -AydP-dPdA j-dF;) -A;dLpy (g/gc) - (g/gc)awy
=[W, V) +W,dV, +V, dW, +dW, dV, -V, dW, -W; V; ] (1/g.)
or

-PdA A, dP-dFy, A, dLpg(g/ge) = [Wy dvy1(1/g.) . (7.12)
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Summing Eqgs. (7.1) and (7.12)
P(-dA)-dAg) -dP(Ag+A ) -dFgy -dFg - (g/gc) AL (A jpy+A, Pg)

+dW) (g/ge) +aWg (g/gc) = (1/gc) [WydV, +V,dW, + Wy dVg+ Vg dWg],

(7.13)

since
dA ;= -dAg, A, + Ay = Ay, and AW, = -dW,
Further,
7, 7 )= dv. 7 + ,
a(w, v, +wg\g) [W,dV, +V, dW, + W dV, ngWg](ll gc)
and

(dFfg + dFgp) = dPppp Ap

by definition, where dPpy is the two-phase frictional pressure drop loss.
Accordingly Eq. (7.13) becomes

-dP Ap - dPppp Ap - (g/g) dL (A p ot Ag po) = (1/g.) AW, V, +Wg V)

Dividing by Ap
d(W, V, + Wy V)

-dP - dPyopp-2/gc (Ag/Ap Py +Ag/Ap /Og)dL ) 8c Bp

(7.13a)
Defining « = Ag/Ap
(1 - (}(,) - Ag//Ap

and substituting into (7.13a);
d(W, v, + W,V )

gc Ap

g

-dP - dPrpp-g/gc[(1 -a)pl + o pg]dL =

Applying Eq. (7.14) over the boiling length,



-

HSE HSE q(w, v, +wyvy) [ FSE
- 4P = v X g 8 dP
o A TPF
sat J sat A sat
HSE
g 8¢ [(1 - ':L):OS + 0 Og] dL
sat ’
or
. HSE HSE
Pgat - Puse = 1, g¢ Ap [Wf, Ve -i“Wg Vg]sat + [APTPF:]SEL'C
- H
+ K:’B L SE _g' 3
' sat g.
where
H
SE FdL
== sat

Also defining
R = 6Prpyp/ APgpr

as the ratio of the two-phase frictional pressure drop in the boiling zone to
the single-phase pressure drop at the total flow rate,

-2
HSE - Vsat LusE - Lsat
P et " /:J -
[L’ﬁ TPF]sat Rifps £1 55 Dris ’

so that

1
P -P R — R ; + W Vv - W v -
sat HSE g Ap [V\'JJHSE V; HSE EHSE 8HSE Wi sat vsat

= Véat
T RIHS pf 5o
2gc

= (Litse - Lgat) * 7B (Lpgse - Lgat)

o1 (Wl - x W) - %) xe Wplxg W) -
T g A ol = ) A « A o T 7
gC P 'Jf( e) P e P ‘“g i f
L2
— ( L ) ¢ Vsat
* P \lbyse - Lsat) ¥ Rigs pf 22 (LHsE - Lsat)
C




Noting that W Ap = G and simplifying

Peat "PusE * |2 ) o, o o " o le. T FB (Lygsk - Lsat)

e/ Hf erg FMfjfc
+ R us Véa’t (L L)
" i > HSE sat
Pus = * -2
(1 -x,)? xg
; . e/ 1 e 1 . . -
The guantity | 7———— — +—— — - — | is the acceleration multiplier, r.
Tl o) g o P Q
el iy e g £

as defined by Martinelli and Nelson. Therefore,

rG? = fus Viar

Psat = Pusg = Tt R 5 5= ¢ (Lygk - Leat) * 5 (Lyse - Lsat)

e HS ==
or
P P L o] + T ( 7.15

sat = HSE ~ ;’.QC [NS + RQ] + 'UB LHSE - Lsat) (I, )
4. Expansion or Contraction to a Riser
a. Expansion. The expansion for the two-phase fluid is

treated in the same manner as for a single-~phase fluid. Since only the
overall pressure drop is desired, a force balance can be written across
the expansion:*

Mg Voprer ¥ My Vo + Prygp AR = Mg Voo o+ My Vo o+ Pprp Ag
M M;

P -P =2 -V S — -V ;

HSE =~ "RB "'Ap Verp = Venuse! AR Vegp = Vigsy)

I ‘s 7

v B} Yo _*usE ‘1 PHs Vsar

gRB pg .‘AR 38 R.B ‘Ug .LAR H’,RB :

- o 7 . . 7

v . We *gsE “r Aps Vsat  *HSE 1 Vsat

* Personal Communication from F. Romie, American Standard Co.
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7 - ” - r -
.. Yirs 0 -xuse) ¢ fus Vear U - Susw) Aus
fRB 'L’f AR (1 - X RB) oy *XR_ (1 - ’VRB) (1 - ’RB) AR sat
- . > { .
Vigse 0 -xygsp) o Apgs Vear U - xpsE) .
= 2 = ) sat
) e hps (1 - Fygp) (- “ygp)

Vi =
HSE ., Apg (1 - CHSE

X[ISE #f AHS Ysat

x W
a, 2 JHSEWT ;
& g S
apo < &~ ¥HSE) W _ (1 - xggp) fr Ags Veur
Tt g i g ’
and
o _p__ . BsE PrAus Vsat | *usE 7r AHS Vsat *HSE P Vsat
HSE ~ “RB s A g AR ‘RB Pg “HSE
(1 -xpgp) ¢ Aus Veat
T g ‘XR
(1 - xpgsE) Anis Vear (I - *p1sE) Vsat
An (1 - CLRB) (1 - LX’HSE)
Substituting Ags AR = ; and simplifying
o V?.
“f Ysat
PHSE - PR_B = .Zg 3‘\)
2 Or < g 1 )+<1 )‘2< - 1 )
X _ - -x -
use {7 ¥ [ISE - —
SEi g \"rp  "HsE P-pp '~ 'mse

(7.16)

A general equation for an expansion between any two risers

(unheated flow channels) of areas A; and Ajyy 18
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sat ., . HS
P - P = ZF
* 1 ch *Ai-rl
L2 -
*HSE “f(fus 1 Sus 1 (1 -xpram)? e :
Fgo \Bin ®in AL 9y HSE Ay 0 -a)in” Ay (T-uy)
(7.17)
For Al = AHS and "A"i-}-l = ARB,
v
sat
P; - Py :Z_g—[Nlo] : (7.18)
c
b. Contraction. The contraction is treated in an analogous

manner but is more subject to question. A more rigorous treatment similar
to the one made for a single-phase fluid is difficult because of uncertainties
in energy balance for two~phase fluids and numerous questions concerning
the vena contracta. Therefore a simplified approach was taken and the
following assumptions were made:

(1) A vena contracta does not exist.

(2) The pressure is constant across plane 2, as de-
picted in the diagram below.

Ay
‘ 2 Vf .\T(]
77 2 =2 7 A
Plane 2
/] v "
)
. e
Ay 1 Vfl "\/gl ¥ Plane 1
"
“ /1
4 %
# &

Writing a force balance as before

Mg Vg + My V; +PrAI =M Vo + MV +P A
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Qr
M, M,
Pusg - PrRB = 57— (Vq -V ) + — (Vﬁ -V, )
Agg \ 8RBT gHSE ) A RB HSE

Substituting for the velocity, etc., and simplifying,

2 Apre
Vsat “f AHS 1 . 2 HS 1

P we - P = e 21 o | = s = +1 = xyyoml” -

HSE - "RB 1 g [ HSE <AR “RB ’*HSE) HSE' \ag (1 - gp) 1 - usg

e
[
3

(7.19)

This is identical to Eq. (7.16). Therefore, Eq. (7.17) is a general equation
for both an expansion or a contraction from the heated section. The general
equation for any contraction is

poop oosat fAEs\| o arffms 1 Ausa),, o of  fese fus
' i 28c ot Big THSE ‘B Apay (”’iﬂ) A oy v THSE Ajgp = vgg) A1 - g

(7.19a)

As a result the pressure drop for a series of expansions and contractions
can be written as

VZ
AP, =2t TN, . (7.20)
1 ch
c. Riser

RT RT RT RT
-f dP = / dPread + f dPacc +f dPFriction
RB RB RB RB

Since there is no change in voids in the adiabatic riser
section,

RT
f dPacc = 0
RB

and
RT RT RT v
_f dp:f deL+/ RfRZ—RPfl%l'i ,
RB RB RB Ec R
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where R is defined as APTpy, APgpy in the riser. Then

e A 2 0
[B]RE = o [L]RT 4 mg o THE) LI IRT

RT IRB "~ TR 2g VAR / Dy LTIRB
and
v2 A 2 Jos
- 7 . sat{*HS {
PRB - Prr = PR (LrT - Lrp) * R fR 5 (‘:4“‘) 5= (LrRT - LrB)
s¢ R R
or

e

- sat ~
&c
5. Expansion into Upper Plenum

The expansion into the upper plenum is given by Eq. (7.7).

Summing Egs. (7.5), (7.6), (7.7), (7.8), (7.9), (7.10), (7.15),

7.17), and (7.21) to satisfy Eq. (7.1) and simplifying,

Viat i . .

P [N} + N + N3 + Ny + N5 + Ng + Ny + Ng + Ng + ZNj + Ny |

-op (LpT - Lpp) + fp [LrpT - Lrpsl * Pns (Leat - Luss)

+Pp (Lyggg - Lgge) * PR (LpT - Lrp) =0 - (7.22)
Since

(Lpr - Lpp) = LgT - Lipp -
then

Lot - Lpg = (Lypr = Lypp) *(Leat - Luse) + (Lysk - Lsat) + (LrRT - LrB)

(7.23)

Substituting Eq. (7.23) into Eq. (7.22) and simplifying,
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.2
N sat

[Ny + Ny + N3 + Ny + Ny + Ng +N7 + Ng +Ng +2 Nj + Ny

=(pp - PnBNLgat = Lysp) + (0D - PN (Lygy - Leat)
+(fp - PR)LgT - Lrp) - (7.24)

Defining and substituting,

Lsat = Lygsp = Lyp = nonboiling length,

i

Lyse - Lgat = Lip = boiling length,

Lpt - LRB = Lp riser length,

i

LpTt - Lpp = Lp downcomer length,

CLp; (pp - ;‘:’Ri) = Lp (Pp - FR),
and
“Npy TN,

Equation (7.24) becomes, for systems that may have a series of risers with
varying diameters,

- Pyp) t Lplip - Pl + 2L

B

viat  Lne(Pp rilPp - PRy
2g Ny + Ny + N3 +N, + Ny + Ng + Ny + Ng + Ny + ZNj + =Ny,

(7.25)
The individual N terms in Eq. (7.25) may be classified in the following

manner:

1
Ny =p -—A_‘) ‘1 + KCUP E = acceleration of the fluid from the
- ] upper plenum to downcomer and fric-

= {rictional resistance in downcomer.

>2 tional resistance at contraction.

LD)
N') = f i il ———
2~ "P\pp, \ﬁ p/\ Ap

A2
D
(——— ‘ -1 +K = deceleration of fluid and frictional
Al p) ELPB ,
losses at the expansion from the down-
comer to lower plenum.




Pl fAusy
Ny = = 1 -< _A_> + KCHSB = acceleration of fluid and frictional
"D " “LP losses at the contraction from lower
e -5 plenum to the heated section.
Ng = 2p0¢]- HOSB f = acceleration of fluid in nonboiling
" HSB length due to density change with
temperature.
Pt /1ms - . .
Ng = > (—D——>(LNB) = frictional resistance in the non-
"NB \THS/ boiling segment of the heated section.
A AT L . n
Ny = — (RLB)K]—D————->(LLB) = frictional resistance in the local
LB H boiling segment of the heated
section.
Ng = 2 (r)(Fp)? = acceleration of fluid due to formation
of steam volds in the heated channel.
—— fHS . -
Ng = pf( ) <_I3__)(LB) = frictional resistance in the boiling
HS segment.
AI—IS \\
Nypg=2¢
10 [‘Jf<A1+l /

Pt

[

X —
HSE fg

Aps  Aus F ) Sus s |
(Aj4)l;s) (Ao HSE® \ (A1) -a4) AT -ay)

total pressure drop due to an ex-
pansion or contraction.

It

A 2

Hs| Fr
Ny :RfR<TR—) JS—P_{L

frictional loss in the adiabatic
risers.

R

The various factors in Eq. (7.25), such as R, ﬁB’ -RLB’ PR
Vg/’Vf, etc., can be obtained from empirical correlations or by analytical
means as discussed previously.

7.2. Forced Circulation System Analysis

The basic analysis presented for the natural circulation system
applied equally to the forced circulation system with slight modification.
The pump in the forced circulation system must overcome the frictional
and acceleration losses in the loop plus the differential hydrostatic head
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between the downcomer and riser section. The differential head in the
loop is a negative quantity since the downcomer density is greater than
the riser density. Equation (7.25) can therefore be rewritten as

‘2

28 Pp

Wp = [Ny + ===+ Ny + === Nyc]

PNB /R PR
1 - — )L +i1~i_>L +z 1-._1,>L ,
\ o NB \ ’[_}D B \ 'OD Ri

where Wp is the pump work requirement (based on the downcomer density),
N; + === N, ==- are defined by Eq. (7.25), and Np( is the number of veloc-

ity heads lost in the pump circuit exterior to the reactor.

7.3. Comparison of Analyses with Laboratory Data

The validity of the analyses and the assumptions made therein
was checked by comparing the calculation procedure with performance test
data obtained from laboratory loops. These tests were run on a basic natural
circulation loop in which the riser geometry was varied to introduce con-
tractions and expansion into the flow circuit. A series of runs was made for
each geometry at various pressures and powers. The power was increased
for each set of runs until hydrodynamic instability ensued.

The laboratory loop used for these performance tests is sche-
matically illustrated in Fig. 7.2. The geometries btudled were a one -inch
diameter heated section, 4 feet in length, with risers—- 4 , 1 and 2 in. in
diameter.

The performance of each of the geometries studied was precal-
culated, using the methods outlined in the previous section. The calculated
recirculation velocity was plotted as a function of the exit steam volume
fraction of the heated section, as shown in Figs. 7.2 to 7.9.

It should be noted that there is some question concerning the
absolute value of the measured steam volume fraction due to instrumentation
difficulties which were discovered after completion of the testing program.
This probable error applies only to the data for the 1=-in. and %-in. riser
geometries. The measured velocities are correct and therefore the trend
of the data is also essentially accurate. The only change that could result
would be to shift the data to the right on the abscissa. In spite of the prob-
able error in the daia, some interesting observations can be made from
each of the three geometries studied.
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1. Two-inch Diameter Riser

In a boiling system the acceleration pressure drops due to
the system geometry, and the formation of steam voids in the boiling section
represent a large fraction of the pressure drop due to friction and accelera-
tion of the fluid. For the three geometries studied, the acceleration pressure
drops accounted for a substantial percentage of the combined pressure drops.
Also, the percentage of the pressure drop due to acceleration of the fluid
generally increased as the void level increased. Therefore the amount of
pressure recovery occurring at the expansions must be accounted for in the
hydrodynamic analysis in order to accurately predict the performance. If
zero recovery is assumed, the calculated recirculation velocity will be too
low; if total recovery is assumed, the calculated velocity is too high. This
was borne out by the data.

As can be seen in Figs. 7.2 to 7.4, the laboratory data check
the calculated performance very well for the three pressures studied. The
use of the momentum balance for calculating the pressure recovery across
an expansion therefore appears to be validated.

2. Three-fourths -inch Riser Geometry

In addition to the acceleration pressure drop due to the con-
traction from the lower plenum and formation of steam voids, an additional
acceleration pressure drop occurs at the contraction from the 1-in. heated
section to the-?;-in. riser. The system is rather unique, however, because
for all practical purposes the acceleration pressure drops must be regarded
as irrecoverable; it is assumed that there is no pressure recovery. This
can be attributed to the fact that the expansion into the upper plenum in-
volves a very large change of area. Thus, as for a single-phase fluid, the
entire fluid velocity head can be lost; that is, AP across the expansion ap-
proaches zero. This was actually borne out by measurement. Two static
pressure taps were placed at the expansion into the upper plenum, one in
the riser and the other just above the riser exit in the upper plenum. In all
instances the measured pressure drop was zero or very slightly positive.

Although the data check the calculated performance very
well, as shown in Figs. 7.5 to 7.7, the validity of using a momentum balance
across the contraction from the 1-in. pipe to the —%-in, riser cannot be com-
pletely established. The frictional pressure drops are very high, especially
for the —i—-in, riser, and as a result even though the acceleration pressure
drop is substantial, it is not the dominant loss. Therefore any error made
in calculating the frictional losses would be reflected in the magnitude of
the pressure drop across the contraction. If we assume that the absolute
frictional pressure drops are essentially correct (as they are thought to be,
however), a momentum balance across a contraction appears to yield satis-
factory estimates of the pressure drop.
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3. One -inch Riser

For this geometry the two-phase frictional pressure drop
is the dominant loss in the system. Therefore the comparison of the data
with the calculated performance tends to demonstrate the validity of the
method used for calculating the two-phase friction factor. As discussed
previously, the acceleration pressure drop due to void formation and the
contraction from the lower plenum can be treated as irrecoverable.

As can be seen from Figs. 7.8 and 7.9, there is good agree-
ment between data and calculations. The data could not be obtained over a
wider range of voids because of the onset of instability.

From the comparisons given above, the validity of the cal-
culation procedure presented appears to be established. Perhaps the major
uncertainties remaining concern the contraction of a two-phase mixture and
the two-phase friction factors over wide mass velocity ranges and pres-
sures. These problems are under study currently.
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8., THERMAL HYDRAULIC DESIGN PROCEDURES FOR BOILING WATER
REACTORS

8.1. Introduction

In order to realize economic nuclear power the desirability of
incorporating certain design objectives becomes readily apparent, if the
desired goal is to be realized. A few of the objectives that the boiling water
reactor designer might seek are:

optimization of specific power and power density in the core;

optimization of in-core fuel residence time;

c) optimization of power densily per unit void;
) high fuel conversion ratio;

employment of circulation of the core cooclant;

f) use of internal gravity vapor-liquid separation;
g) use of low enrichment fuel;

h) use of ceramic (UQ;) rather than metallic fuel;

i) to obtain the highest neutron economy possible by elimina-
tion of unnecessary core, structural material, etc.

Unfortunately, a substantial degree of incompatibility exists be-
tween the various objectives. Basically, the incompatibility stems from con-
flicting physics and engineering requirements and, as a result, the reactor
design which evolves generally represents a compromise between the physics
thermodynamics and hydraulics design objectives. However, in arriving at
the compromise design a number of design parameters are usually taxed to
their limits. The result is that in many instances either one or several of
these parameters or design criteria actually establishes the limits of reactor
performance. Therefore, before a calculation procedure for reactor core
analysis is presented, a brief discussion of a few of the major design param-
eters or criteria of boiling water reactors is given. An attempt is made to
point out how these criteria affect reactor design and ranges and conditions
under which they may tend to become limiting. The calculation procedure 1s
then illustrated by a sample core analysis.

8.2. Boiling Water Reactor Design Criteria

1. Moderator-to-Fuel Ratio

The moderator-to-fuel ratio is perhaps the most important
reactor design parameter because of its immediate impact on core physics
and because it essentially represents the bridge between physics and engi-
neering. Establishing the moderator-to-fuel ratio of a reactor, as one might
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suspect, is the area of greatest conflict between the engineer and physicist
because of the incompatibility of the most desirable objectives of each.

From an engineering viewpoint it is desirable to have a
large moderator-to-fuel ratio to obtain a large equivalent diameter of the
core coolant flow channel. This is especially true for the natural-circulation
boiling water reactor, since the major hydrodynamic resistance exists with-
in the core. As the moderator-to-fuel ratio decreases, the recirculation
velocity also decreases due to the increased frictional resistance within the
core. As a result, the reactor power, and hence performance, drops, since
the reactor power is essentially proportional to the recirculation velocity for
a fixed amount of reactivity tied up in steam voids.

Also, as the moderator-to-fuel ratio is decreased, the
coolant power density increases. As a result, the core recirculation flow
rate must be increased if the same mean core steam volume fraction is
to be maintained. The moderator-to-fuel ratio could eventually be lowered
to a point where it would be impossible to obtain the desired coolant flow
rate by natural convection and, as a result, forced circulation of the cool-
ant would have to be employed. On the other hand, if the moderator-to-
fuel ratio is increased too far, the maximum heat flux becomes very large
and either the fuel centerline temperature becomes excessive or the
critical maximum heat flux is reached.

From a physics viewpoint, the moderator-to-fuel ratio
strongly influences a number of important core design criteria such as
fuel cycle costs, reactor stability, etc. The effect of the moderator-to-
fuel ratio on the reactor physics can be seen by a superficial examination
of the factors of the criticality equation for a bare, enriched, water-
moderated reactor:

. _ nfep
eff = 1 4+ (L* +7)B?

Of particular interest are the terms f and p, the thermal utilization and the
resonance escape probability, which are related to the moderator-to-fuel
ratio as follows:

1
~ Kk + ky(M/F)

f

and

1
P 1 (M/F)/L,(M/F)

where f,(M/F) changes more rapidly than fl(M/F)a




As can be seen, increasing the moderator-to-fuel ratio
lowers the thermal utilization and increases the resonance escape probabil-
ity. If this trend is carried too far, the thermal utilization decreases faster
than the increase of the resonance escape probability and the enrichment
of the core would have to be increased. Decreasing the moderator-to-fuel
ratio will eventually lead to a required increase in enrichment due to the
reverse effect. As a result there is an optimum moderator-to-fuel ratio
for a minimum fuel enrichment.

The enrichment, however, is but one of several factors
which must be considered in evaluating the fuel cycle costs. The number
of fuel rods in the core increases as the moderator-to-fuel ratio decreases,
since the fuel rod diameter is usually fixed independently by the limiting
centerline temperature. Increasing the number of fuel pins increases the
fuel fabrication costs. However, as the moderator-to-fuel ratio is de-
creased, the resonance escape probability decreases and hence the conver-
sion ratio increases. The production of additional fissionable material
enhances the fuel burnup (MWD/ton) considerably. The fuel burnup can also
be increased by adding enrichment. This, however, must be weighed against
the increased cost and the lowering of the conversion ratio.

The fuel lifetime and fuel inventory are also strongly affect-
ed by the moderator-to-fuel ratio. The characteristics of a reactor system
having a high moderator-to-fuel ratio are a low fuel inventory, low fuel
burnup, high average heat flux, low fuel lifetime (if no excess enrichment
is added), high specific power, and low coolant power density system. The
low moderator-to~fuel core on the other hand will have a longer fuel life-
time, higher fuel burnup, higher coolant power density, lower average heat
flux, high fuel inventory and a low specific power. All of these factors
must be studied and weighed.

The effect of the moderator-to-fuel ratio on the reactor
stability and safety must also be evaluated. The boiling water reactor
must be designed with a negative power coefficient of reactivity due to for-
mation of steam voids within the core; that is, as the water moderator is
expelled from the core, the reactivity must decrease. It should be noted,
however, that a very large negative void coefficient is not desirable either.
If the negative void coefficient is too large, reactor instability can result
due to the self-regulating feedback control characteristic of the system.

The magnitude of the negative void coefficient will depend
upon the moderator-to-fuel ratio and the core buckling. There is a range
of moderator-to-fuel ratio where the effects of the variation of the reso-
nance escape probability (p) and the thermal utilization (f) on the core re-
activity will essentially cancel each other. As a result, the core buckling
can then be set so that the void coefficient will be negative due to void
formation and the resultant neutron exchange. In general, the lower the
water-to-metal ratio, the more negative the void coefficient becomes.
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To establish this moderator-~to-fuel ratio, all the various
factors affecting both the engineering and physics requirements of the core
must be thoroughly investigated. Only then can a compromise on the
moderator-to-fuel ratio be reached.

2. Critical Maximum Heat Flux (Burnout)

A major uncertainty in boiling reactor design is the pre-
diction of the critical heat flux. The critical heat flux is defined as the
transition from nucleate to film boiling and is marked by a sharply de-
fined increase in the temperature of the heat transfer surface. If the heat
flux is sufficiently great, the resulting thermal excursion results in phys-
ical destruction of the heat transfer surface. "Burnout" is a term usually
used interchangeably with critical heat flux, although it is sometimes used
to denote the point of actual failure. Since the first usage is a misnomer
and the second subject to such extraneous variables as material properties,
pressure and/or thermal stresses, and corrosion rates and effects, "burn-
out” is an ambiguous and ill-defined term.

The critical heat flux and the determining conditions
thereof have been of considerable interest for at least a decade, and nu-
merous experimental investigations have been made. However, no corre-
lations of net boiling "burnout" have been developed to describe adequately
its relationships with all various system parameters. The burnout heat
flux is a function of the mass velocity, mixture enthalpy, system pressure,
and possibly such additional factors as surface condition, geometry, etc.
Much of the work that has been done to date on the critical heat flux prob-
lem has been summed up and reviewed in WAPD-188. 134) One of the most
important conclusions listed in this report is that for nonuniform axial
flux distribution the critical flux may not occur at either the point of max-
imum heat flux or maximum mixture enthalpy (exit condition). Thus in
the boiling water reactor where highly skewed axial power distributions
have been measured, the core exit condition cannot be used for establish-
ing the burnout limits. The entire channel must be analyzed and the local
heat fluxes and fluid conditions compared with existing burnout data and
correlations to establish the burnout point. As the critical pressure is
approached, the critical maximum flux decreases and the net boiling
length in the core approaches zero. At very highpressures,the power peak
will therefore occur in a region of local or subcooled boiling. It is also
possible that, even though the critical maximum flux is exceeded, a true
burnout need not necessarily occur, providing the film boiling coefficient
is large enough. Recent film boiling data have shown that the temperature
rise accompanying the departure from nucleate boiling is not excessive
for heat fluxes of q < 200,000 Btu. Thus in a boiling water reactor which
uses the oxide as fuel and stainless steel as cladding it may be possible
to operate in the film boiling region under certain conditions. However,
more such data are needed at heat fluxes of the order of magnitude existing
in reactors (150,000 to 450,000 Btu/hr ft*) and at comparable mass velocities.




In evaluating the probable burnout point in a boiling water
reactor operating with natural circulation of the coolant, consideration must
also be given to the stability of the system. When a system is hydrodynam-
ically unstable, this departure from nucleate boiling can occur at lower
value of heat flux than the value obtained under forced circulation for iden-
tical conditions. This is demonstrated in Fig. 8.1, which shows a trace of
the recirculation velocity and the point of burnout for a natural-circulation
system which became hydrodynamically unstable. The estimated burnout
heat flux under forced-circulation conditions is ~700,000 Btu/hr ft?, where-
as the burnout occurred at a flux of ~560,000 Btu/hr £, However, the fact
that the system is hydrodynamically unstable does not preclude a burnout
at any heat flux. Unfortunately, there is practically no information available
on natural circulation burnout or the effect of instability on burnout.

| - T

§ !
VELOCITY% | ',h .i' !j
| !

! - 20 50C-8m

| BURNOUT POINT ==

! ;

TIME

Fig. 8.1

Velocity As a Function of Time for a Natural Circulation Burnout

3. Vapor-Liquid Separation

In a reactor, such as EBWR, where steam is withdrawn
directly from the reactor vessel, a reactor power is ultimately reached
where the vapor-liquid separation problem becomes so acute that ex-
cessive moisture carryover and steam carryunder occur, adversely af-
fecting reactor operation. The present trend of increasing the power and
operating pressure of boiling water reactors has caused vapor-liquid
separation to become one of the major problems in boiling water reactor
plant engineering.
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Knowledge concerning the mechanism and various factors
influencing the separation of steam from steam-water mixtures in reactor
vessels or in separate steam drums is quite incomplete. As a result of
lack of information, sizing of the reactor vessel and internals with any de-
gree of confidence becomes difficult at best.

The little information that has been reported has appeared
in the English and Russian literature. However, the experimental data ob-
tained by different techniques are in some cases inconsistent, and the given
equations do not predict correctly the fraction of moisture carried by the
steam for certain ranges of steam loads and pressures.

In a natural-circulation boiling water reactor of the EBWR
type the vapor-liquid separation problem can be divided into the following
parts: (1) liquid carryover in the effluent steam; (2) steam carryunder in
the downcomer; (3) effectiveness of liquid makeup water injection and the
rapidity of steam quenching thereafter; (4) transport of steam through
stagnant steam-water mixtures (vapor holdup above core).

The problem of carryunder of entrainment of steam in the
liquid in a natural vapor-separation system is a major one in either a natural
or forced convection system. The entrainment of the steam in the liquid in
the downcomer is in general a function of the downcomer velocity and sys-
tem pressure. In a natural-circulation system any entrainment that may
occur in the downcomer adversely affects reactor operation, since the re-
circulation is reduced and this in turn lowers the reactor power. There is
practically no information available that could be used for estimating the
amount of carryunder that could be expected under normal reactor con-
ditions.

The carryunder problem in a forced-circulation system
could be just as severe. In general, the velocities are somewhat greater
in such a system, both in the core and the downcomer. The entrainment of
the steam into the suction lines of the pump could decrease the NPSH to a
point where pump cavitation problems could become serious, depending
on the condition of the makeup water and point of injection.

The seriousness of the steam carryunder problem will be
determined by the rapidity with which the entrained steam bubbles are
quenched and, of course, by the amount of steam entrained. It is conceivable
that the entrained steam bubbles are not collapsed immediately because of
insufficient mixing in the downcomer; as a result the steam would be carried
a considerable distance before condensing. This will, to a large degree, be
dependent on the mode of makeup water injection. The makeup water injec-
tion ring must be designed so that the makeup water is distributed evenly
across and around the entire downcomer to insure fast, thorough mixing.
Should substantial quantities of steam carryunder occur, the net driving
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head for natural circulation would be reduced. A reduction in net driving
head would in turn reduce the recirculation flow rate and increase the core
steam volume fraction.

In a closed reactor vessel the mixture-vapor interface of
a two-phase fluid depends upon the initial water level and upon the steam
void content (power level in a reactor system). The voids that are formed
in the reactor core and riser and entrained in the downcomer displace an
equal volume of water, which causes an increase in the mixture height.
The water level above the riser is, in turn, further expanded by the vapor
flowing through it, which creates a stagnant two-phase mixture or "bed."
The final height of the two-phase mixture is a function of the superficial
steam velocity (based on vessel diameter) and water content above the
riser. Thus, for a given initial water level at saturation (with no voids
present) the expansion of the two-phase "bed" increases with increasing
power because of the higher superficial steam velocity and the increased
water content which was expelled from the region below the riser.

The height of the two-phase mixture cannot be obtained by
purely analytical means. Recourse must be made to experimental data on
vapor holdup through stagnant beds of water. Unfortunately, no data exist
for flow of steam through stagnant water at 600 psi in large vessels. How-
ever, such data are available on air-water systems at atmospheric pressure
and in vessels up to 36 inches in diameter.(135) Additional data have been
reported by Behringer 13%) for steam flowing through water in a 2-in. pipe
at various pressures up to 600 psi. This data tended to check the work of
Zmola(l35) and serve as a basis of extrapolation of the air-water data to
higher pressures for the large diameter vessels.

Calculations of the height of the vapor-mixture interface
have been made for EBWR at 40 Mw and tend to explain the increase in
carryover actually measured at that power level, since they show that the
interface would have been very close to the steam ring at these powers.

Additional data on the transport of vapors through low-
velocity water at the higher pressures must be obtained before optimum
vessel sizes can be chosen.

The problem of entrainment of liquid with the steam will
also influence strongly the sizing of the reactor vessel. Data in the Russian
literature indicatethat the entrainment is not a function of the superficial
velocity alone but also of dome height; that is the liquid entrainment is a
function of the steam dome volume. The superficial steam velocity is
known to affect primary vapor separation through its effect on the steam
"disengaging height" at the interface. The steam disengaging height is
defined as the length required for the transition from the steam-water mix-
ture to steam of constant quality. The existence of this zone, which prob-
ably results from the expulsion of liquid droplets by the disengaging steam
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at the vapor-liquid interface, has been demonstrated in EBWR (see Fig. 8.2).
As can be seen, the disengaging height increases with increasing superficial
steam velocity and hence reactor power. Therefore the minimum steam
dome height for effective primary natural vapor-liquid separation must ex-
ceed the disengaging height.

Fig. 8.2

Disengaging Height (Interface Thickness)
as a Function of Power in EBWR
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It can be seen that sizing of the pressure vessel and, in
fact, the actual reactor design depend to a very large degree on the vapor-
liquid separation problem. If the primary vapor-liquid separation cannot
be achieved within the reactor vessel, recourse must be made to external
separation means such as steam drums, etc.

4. Reactor Geometry; Natural vs Forced Circulation

Recirculation of the coolant through the reactor core can
be achieved by either natural or forced convection. Proper selection of
the mode of operation can be made only after a careful evaluation of the
limitations imposed by reactor design parameters, such as reactor geom-
etry, minimum flow-rate requirements, vapor separation, reactor stability,
etc.

In a natural-convection system the recirculation flow rates
that can be obtained are determined primarily by the system geometry.
More specifically, thehydraulic diameters, relative flow areas and heights
of the core, riser and downcomer are the controlling factors. Employment
of natural circulation, therefore, tends to impose limitations upon the geom-
etry that can be used. In a forced-circulation system the reactor geometry
is not usually a major factor, providing the necessary pump head and ca-
pacity requirements do not exceed feasible limits.
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Natural-circulation flow rates can be as high or higher
than flows normally associated with a forced-circulation system. Labo-
ratorytests on a natural-circulation loop showed that recirculation ve-
locities up to 10 ft/sec could readily be obtained. Basically the system
consisted of a heated section, a 4-ft long pipe of l1-in. diameter, and a 2-in.
diameter riser, 8 ft long. The flow rates usually associated with forced
circulation are in the range of 8-12 ft/sec,

Natural-circulation velocities can be increased either by
enlarging the core coolant channel hydraulic diameter and relative flow
areas of the riser and downcomer or by adding riser height. A natural-
circulation system featuring a riserless core or heated section yields
recirculation velocities which are generally quite low, about 2-4 ft/sec.
However, by adding riser height of large hydraulic diameters, the net
natural-circulation driving head is increased without introducing additional
flow resistance. As a result the recirculation velocity can readily be
increased.

An important reactor design parameter which can influ-
ence the selection of either natural or forced circulation is the vapor-
separation problem. As mentioned previously, in a closed reactor vessel
a power level is ultimately reached where the separation problem be-
comes acute and excessive moisture carryover and carryunder occurs
which adversely affect reactor operation. When this point is reached, it
is usually necessary to resort to external separation methods, such as
the use of steam drums. Such a system has an excellent natural-
circulation potential, since the basic design readily lends itself to incor-
poration of adequate riser height to obtain the desired performance. How-
ever, the effect of high risers on reactor stability is unknown at present.
It is a well known fact that maintenance of flow equilibrium in a multi-riser
system is a critical problem.

Reactor stability considerations will also have a direct
bearing on the selection of the type of circulation. Laboratory tests have
shown that natural-circulation stability is a function of system geometry,
pressure, and exit steam volume fraction of the heated channel. These
tests have shown that there is apparently a threshold value of the exit
steam volume fraction beyond which hydrodynamic instability occurs. This
relationship is also a function of pressure; as the system pressure in-
creases, the system will become unstable at a lower value of the exit
steam volume fraction, but at a higher power density.

Hydrodynamic stability is strongly affected by the system geom-
etry. Placement of restrictions in the downcomer tends to increase the
stability of the system; that is, the threshold value of the exit steam volume
fraction increases at the inception of instability.
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A series of tests which were run to study the effect of riser
geometry showed that, for a system where riser flow area was one-half
that of the test section, hydrodynamic instability was observed at a power
density of 120 kw/l at 600 psi; the inlet section velocity was approximately
4 ft/sec° By comparison, stable operation was obtained at a power level of
350 kw/l for the riser geometry of twice the flow area of the test section.
The recirculation velocity in this instance was 8 ft/sec.

It should be noted that, in general, natural-circulation sys-
tems are hydrodynamically stable over wide ranges of conditions, and from
information gained recently it appears that the stability of such systems can
be improved considerably by proper design. More information is needed,
however, especially on high riser systems of large hydraulic diameter and
of varying relative flow areas to the core.

Forced-convection systems with multiple flow channels are
also subject to hydrodynamic instabilities which result from parallel
channel effects. These effects are due to possible variations in the resis-
tance of each channel while they are being maintained at a fixed pressure
differential common to all. As a result, orificing of the individual chan-
nels is required to eliminate the possibility of flow fluctuations occurring.
This is a much discussed subject, but little laboratory information is
available.

In the final analysis, the merits of a natural-circulation or
forced-circulation system must be subject to economic comparison. The
initial capital investment and maintenance of the external pump loops of
the forced-circulation system must be weighed against the cost of the much
more simplified but possibly more limited natural-circulation system.

8.3. Design Procedure for Boiling Water Reactors

A design procedure which may be used in a boiling water reactor
design study is outlined below. It should be recognized that the method of
approach suggested is but one of a number that can be followed. A design
procedure will, in fact, evolve during the design study and will be governed
by the objectives and type of reactor under study. The sole purpose of this
outline is to illustrate the various calculation procedures generally used
in boiling water reactor design analysis.

1. Establish the design objective. The design objectives
usually are many and varied, such as (a) a specified total power, (b) the
maximum power that can be obtained from a given size of pressure vessel,
(c) a certain core power density, (d) achieving vapor-liquid separation
within the reactor vessel, (e) natural or forced circulation, etc.
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2. Conduct a general parametric study of the various design
parameters such as coolant channel hydraulic diameter, riser length, core
diameter and height, mean core steam volume fraction, moderator-to-fuel
ratio, structure-to-fuel ratio, etc. The purpose of this study would be to
establish feasible limits on the various design parameters which would
satisfy the design objectives. The thermal hydraulic portion of the study
is tied to the core physics and fuel element design by the following
equations:

2
2 DC
) 8.1
nPR = M/F) + (S/F) + 1 (8.1)
D, = DZ DZ 1 g D (8 2)
e - c = R + F n R .
i 6
Pp = nwDp L q"/3.413 x 10 (8.3)
b t
R 1 c . 1
TG max 7 Tsat * Rmax/a‘“’g qg<§£ + he + Ky + KE) . (8.4)

These equations can be plotted in graphical form, as shown
in Fig. 8.3. Such graphs can readily be used in a parametric study. Pre-
liminary estimates of the core recirculation flow rate, steam volume frac-
tion, power density, etc., can be obtained from generalized "average channel®
calculations, which can be made rather quickly. The inherent assumptions
in such an analysis are (1) a constant axial heat input, and, (2) the overall
performance characteristics of the core can be estimated by an analysis of
the average channel (based on power density). Although these assumptions
are subject to much question, the calculated performance by the average
channel method will not vary very greatly from a detailed analysis unless
radical departures from ordinary reactor geometries are encountered.

The following procedure and equations can be used for the
thermal hydraulic calculations:

28.3) (8.5)

P°D°kVV/l = PR(].OOO) 1cAcoolant(

where 28.3 converts cu ft to liters. The cross-sectional flow area is related
to the moderator to fuel ratio as follows:

_rp2  nmDR |5 \
Acoolant = T 4 1 T+ . (8.6)
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Relationships between Various Reactor Design Parameters




Therefore,
PR(IOOO) (8.7)
P.D.k /L = .
W, T2 n”TD2
L(2s3)|™e TR LS
< ’ 4 4 F

The average coolant power density is also related to the hydraulics of the
system. From a heat balance on the boiling section of the average channel
with a uniform heat input,

Q = WTxehfg = VA, olant /lechfg . (8.8)

Converting to power density in kW/L,

oD ) Q(3600) - Vexghyg <3600)
. . L -
kv / 3413 A_,,1antp(28.3) (28.3)1:_3(%) 3413
LC
and
Vxe plhs
P.D.avg kw/L = _Le__(z_)_g (0.0374) . (8.9)
L. ¢
Equating Eq. (8.5) and (8.9),
V = 948 PRLB/LcAcoolant®e Mbfg - (8.10)

Eq. (8.10) merely defines the relationship between the recirculation velocity,
core geometry and power. The recirculation velocity, V, is also, however,
a function of the hydraulic characteristic of the system. The relationship
between the velocity and the system geometry is given by Eq. (7.25):

v Lyp(pp-Fnp) + Lp(Pp-FB) + =R (Fp -FR;)

2z - N+ oo ¥ N, + 5N; 1 Ng, (8.11)
where
2 acceleration of the fluid
N, = Ang 1+ K _ from the upper plenum to
LTy Ap Cyp " downcomer and frictional

resistance at contraction.

2
‘ A
_ Lp\/~s HS _ frictional resistance in
N =fpls- N7 Il =
Dp, Fp Ap downcomer.
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N;

deceleration of fluid and
frictional losses at the ex-
pansion from the down-
comer to lower plenum

acceleration of fluid and
frictional losses at the con-
traction from lower plenum
to the heated section.

acceleration of fluid in
nonboiling length due to
density change with tem-
perature.

frictional resistance in
the nonboiling segment
of the heated section.

frictional resistance in
the local boiling segment
of the heated section.

acceleration of fluid due
to formation of steam
voids in the heated
channel.

frictional resistance in
the boiling segment.

= total pressure drop due to

an expansion or
contraction.

frictional loss in the adi-
abatic risers.




Thus the thermodynamic and hydraulic Egs. (8.10) and (8.11),
which describe the behavior of the average channel, must be solved simulta-

neously. The unknowns in the equation can be obtained as follows:

The coolant cross sectional flow area, Acpolant: €anh be es-
timated from Eq. (8.6) if a fuel element design and core layout has not been
decided upon.

The two=-phase friction factor multipliers R and R can be
obtained from the literature or by the methods suggested in Section 7.

The acceleration pressure drop multiplier, r, is
[(1 - xe)z
r =

(8.12)

The mean density in the boiling segment may be found as
a function of pressure, slip ratio, and exit steam volume fraction.

preliminary analysis of this type, the assumption is made that the slip ratio

For the
is constant along the heated length and that there is a uniform heat input.

) 1 - (pg/ps) 1 1

v I -ag(l - "f{')}} (8.13)

where

'gr!f Ey_g. f_g_
v Pl

is simply

The two-phase mixture density in an adiabatic riser section

pr; = (1 -ag )P +oR, Fg (8.14)
The change in voids due to a geometry change may be esti-
mated from the following semi-empirical equation:
1
oL =
VY

+ 1
(A;/A;)N

Section 7.

(8.15)
where N is the slope of the slip ratio vs water velocity plot as discussed in
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The mixture quality, X, is related to the steam volume
fraction, oo, by the slip ratio Vg/Vl through the continuity equation. At any
plane normal to the fluid flow in a channel,

Wg/Wf = XWT/(l -x)Wp = PgAng/PlAlvl
Introducing

Ag = WAy

and

A = (l - az)AT 3
and simplifying,

- 1 . (8.16)

X =
(/o0 - 1)
1+'31/pg_%—
vV /V
g 1

The boiling length ratio may be obtained from an overall
heat balance on a boiling channel

Qp = Wr [hf-hi+xehfg] = Wy [hf - by + hfg]

Inspection of the above equntion will reveal that

Qp/Qr = heg/(hf - hyy +heg) (8.17)
This ratio is therefore dependent only on pressure and feedwater injection
temperature.
For a uniform heat input,
Qp/Qr = Lp/Ly = hfg/(hg -hy) (8.18)

A direct solution of Eq. (8.10) and (8.11) is not possible,
since Eq. (8.11), describing the hydraulic characteristics of the system,
is implicit in velocity V. The procedure generally used for solving these
equations is as follows. The solution is found by an iterative process.

(1) Assume a value of exit steam volume fraction, Qg o

(2) Estimate a value of the slip ratio (using the corre-
lations presented in the previous section) and calculate
the quality, using Eq. (8.16).




(3) Calculate the boiling length {from Eq. (8.18).
(4) Solve the flow Eq. (8.11).

(5) Re-evaluate the slip ratio and recalculate the quality
if necessary. Repeat process until solution converges.

(6) Calculate the velocity, using Eq. (8.10) and the quality
calculated in step 2.

(7) If the velocity calculated in step 6 equals the velocity
calculated in step 4, the desired solution has been ob-
tained. If the two velocities are not equal, a new value
of the exit steam volume fraction must be assumed
and the entire procedure repeated until the velocities
become equal.

Such an analysis is carried out for a series of differing re-
actor geometries of varying core flow equivalentdiameters, core height, riser
height, etc., and aseries of curves of the type shown in Fig. 8.41is obtained.
Such curveg are very useful in that they yield quick estimates of reactor
performance for a great number of possible reactor designs. Preliminary
sizing of the pressure vessel can also be carried out at this point since the
total recirculation flow rates, core voids, etc., can be obtained.

The total recirculation flow rate is

coolant 1

The downcomer is generally sized so that it will have a
negligible pressure drop due to friction and low enough velocity so that
excessive carryunder of steam is not obtained. A thermal shield analysis
is then made to establish the thickness. Combining these factors, the
diameter of the vessel can be set. The height of the vessel is established
by allowing sufficient length on the lower plenum, core, riser, and pri-
mary internal vapor separation, if desired. The required vessel height
above the riser is a function of the reactor power, initial saturated zero-
power water level, pressure, etc., as discussed previously in the section
on vapor-separation problems.

3. Select several of the most probable final designs and then
make detailed physics, engineering and thermal-hydraulic calculations to
arrive at the final design. The calculation procedure for a detailed core
analysis is much more complex, due to the additional complicating factors
of constant inlet subcooling across the core and the axial and radial power
distribution within the core.

In such an analysis, the following unknowns are to be deter-
mined: (1) the core inlet subcooling, (2) total recirculation flow rate,
(3) velocity profile across the core, (4) mean core steam volume fraction.
(5) axial and radial steam volume fraction profiles, (6) axial and radial
mixture quality profile, (7) boiling length profile across the core.
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These factors are a function of the axial and radial core power distributions.
The power distribution, however, in turn is a function of the system hydrau-
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Effect of Riser Height and Exit Steam Volume Fraction on
Performance of Natural Circulation Boiling Reactors;
D. = 0.5 in; Dp = lin; P = 1000 1b/in.?

lics, since it is a function of the steam volume fraction distribution within
the core. The core physics and hydrodynamics are coupled together by
this interrelationship.
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A procedure that can be followed for a core analysis is as
follows:

(1) Assume a radial and an axial power distribution and
calculate the power density distribution.

(2) Assume a velocity profile across the core.

(3) Calculate the total recirculation flow rate, W:
R R R

WT = Pff VrdA; = pff VrZ’rrrdr; = Zﬂpff Verdr
0 0 )

(4) Calculate the core inlet subcooling by a heat balance at
the top of the downcomer where the make-up water is

injected:
Since Wm = Wg = }—(eWT ,

or

(5) Select a number of points (channels) at appropriate core
radii for analysis and determine the power release
from step 1. More points should be selected near the
outer region of the core because (1) the power dis-
tribution usually varies more markedly near the core
periphery and (2) the velocity profile must be es-
tablished more accurately since the greatest percen-
tage of the total coolant flow occurs at the outer region
of the core.

(6) Calculate the exit mixture quality for each of the points
(or channel) selected for study by a heat balance using
the assumed velocity profile from step 2.

P.D.kw/L = 0.0374 V_pg(hs - by - x.heg)/Ly

(7) Calculate the exit steam volume fraction profile using
the mixture qualities in step 6. Also estimate the steam
volume fraction in the various risers. The steam
volume fraction is calculated by the following equation:
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cE (= )(l-=) A1

Vi o\l -x o Pg
The slip ratio may be obtained from the slip ratio
correlations presented in the previous section.

(8) Calculate the boiling length for the various channels
under study by the following relationships:

QNB (hf - hy)

QT  (hf - hj) + thfg

and

Qp/QT = 1 - QNB/QT

A plot of Q/QT vs the core length, L., can be ob-
tained by integrating the power distribution. The
point at which boiling begins is where

Q/Qr = QNB/QT

(9) Calculate the recirculation velocity by the flow Eq. (8.11)

at the selected points on the core radius.

(10) Compare the recirculation velocity profile obtained
from step 9 with the one initally assumed in step 2.
If the profiles are the same, the performance of the
core has been established. If the profiles are not
the same, steps 2-10 must be repeated until agree-
ment is reached.

(11) After the calculation has been completed, the assumed
power distributions must be recalculated using the new
steam volume fraction profile., If the new power dis-
tribution does not check the one in step 1, the entire
procedure must be repeated.

Alternate methods of solution can be used. For instance,
a subcooling could have initially been assumed and then the velocity profile
calculated. The solution would iterate on the subcooling instead.

To illustrate the procedure for analyzing a natural-circu-
lation boiling water reactor, consider the proposed operation of EBWR
(Experimental Boiling Water Reactor) at 100 Mw.(59) Fig. 8.5 lists the
dimensions to be used in the calculation and indicates the relationship of
the various riser sections.
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Area De
Plate elements 0.0580 ft? 0.0573 ft
Spike elements 0.0591 ft? 0.0417 ft

Common Riser
L =51t L =4.5ft
A= 22,14 {t? A =11.04ft?
Do = 2.75 ft De = 3.75 ft
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outer region] central
I region
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There are two types of fuel elements in the core. In the
central region (i.e., the region in which the elements feed the central portion
of the non-homogeneous riser) there are 32 plate-type elements. Grouped
around these elements are 28 rod-type elements with a higher enrichment,
called spike elements. The spike elements feed into the outer (also called
annular) portion of the non-homogeneous riser. Around the spike elements
are grouped 87 more plate-type elements, completing the core.

Element Number Area per Element Total Area
Plate - central 32 0.0580 ft? 1.856 ft?
Spike 2 0.0591 ft? 1.655 ft*
Plate - outer 87 0.0580 ft? 5.046 ft?

8.557 ft?

The average power per element is

100 Mw ¢ DBtu ¢ Btu
= 3.413 x 10 = 2.32 0° —
Qavg 147 elements x * hr Mw 2.322x 1 hr

A graphical integration of the radial power distribution
indicates that 26.24% of the power is generated inthe central region. The
operating pressure is 600 psia, and makeup water is fed to the reactor
at 100°F. Thus, the total steam flow is

Power 3,413 x 108 5
W = = =
S hy - b " 1203.2 - 680 3.007 x 10° 1b/hr

The steam flow to the central nonhomogeneous riser is

W = 0.2624 x 3.007 x 10° = 0.7890 x 10° 1b/hr

The steam flow to the outer annular region is
Ws, = (3.007-0.789) x 10° = 2.218 x 10° 1b/hr
A velocity profile for the entire core is assumed as a basis
for calculation. Assume the velocity in the spike elements is 5.4 ft/sec and
the velocity in the plate-type elements is everywhere 7 ft/sec°
The flow rates of the regions are then calculated.
W = central fluid flow = PAV

= 49.75 1b/ft* x 1.856 £t* x 7 ft/sec x 3.6 x 10° sec/hr

= 2.327 x 10° 1b/hr




Wa

annular fluid flow = -OAspik:eVspike + 'OAplateVplate

7.927 x 10° 1b/hr

The total core flow rate is thus
W = 1.0254 x 107 Ib/hr
The net quality in the common riser is
x = Wg/Wr = 0.0293
The quality in the central riser is
xe = Wg /We = 0.0339
The quality in the outer riser is
xp = Ws,/Wg = 0.0250
The subcooling is calculated by

h.

in

(1 - x)hf + xh

0.9707 x 471.6 + 0.0293 x 6§ = 459.8 Btu/lb

il

Thus,
Ahgyp = 471.6 - 459.8 = 11.8 Btu/lb

This value of subcooling is assumed to remain constant across the entire
core.

The void fraction in the various regions is calculated by

-1
o = [1 +p_g_\ig. (..,.___l - X)‘l
pf Vf x .J

Thus, the void fractions in the various regions are:
Central riser

[, 189 0.9661
CR, 38.3 - 0.0339

-1
] = 0,416

149.75 x 1.655 x 5.4 x 3.6 x 10° + 49,75 x 5.046 x 7 x 3.6 x 103
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Quter riser

1,87  0.9720 |7 _
*R, * [1 T 000280] = 0.371
Tapered region of common riser
1.82 0.9707 17"
= s = 0.
*R {l * 383 0,0293] 388
Common riser
1.59 0.9707]7* .
: = —27 7 | = 0.536
*Rs [1 ¥ 38.3 0,0293] >

Vessel above common riser

_ 2,10 0.9707 |7t _
v = [1 *38.3 0.0293] = 0.355

The previously discussed Eq. (8.11) for computing natural-
circulation velocity as applied to this system is

a+b+cyt+c+c
2g N11+N12+N2+N3+N41+N4z+N43+N6+N7+N3+N91+N93+N94 ’

The significances of the terms of the equation as applied to this problem will
be dealt with explicitly below and the values will be calculated. The analy-
sis of a system as complicated as this one can be simplified by treating the
terms related to external users and downcomers separately from the terms
related to the elements. This is because the pressure differential between
the entrance to an element at the lower plenum and the exit from an element
at the end of the element portion of riser into the nonhomogeneous riser must
be the same for all elements of the same length feeding the same nonhomo-
geneous riser.

Thus, by rearranging terms so that

[Nll+N12‘+N42+N43+N93+N94] - Cy-¢C3 =a+b+cy

-"g[N2+N3+N41+N6+N7+N8+N91] 5

the left side of the equation contains terms related to the external risers
and downcomers, whereas the right side of the equation contains terms re-
lated to the interior of an element.




The pressure differentials through various elements are
compared to the pressure differentials through the external risers and
downcomers. The velocities in the elements are adjusted until the pres-
sure differentials agree.

The pressure differentials in the external risers and down-
comers are
Vi
API = E[Nll +’le +N4Z + N43 +N93 +N94] - Cz = C3

where Vg is the average velocity of the elements feeding a given external
riser, for the velocity distribution originally assumed.

The significances of the various terms are listed, and the
calculation is illustrated for the central riser section. In the calculations
of hydrostatic head the common riser is assumed to be 1.5 feet shorter than
its actual length, to account for steam carryover and allow for possible
shortening of the riser.

(1) Friction loss, in lbm/ftg’s in upper portion of downcomer

2 2
1 D, DDl fp AD1

(0°00905)< > ><49°752 }<8°557>2

2.75 50.25 j\22.14

N,

i

i

.12

(2) Friction loss in lower portion of downcomer

L 2 AV
N, = f __IB_;_ .f.)i __9;_,
=2
DZ DDZ pD ADZ
8.5 49,752\ [ 8.557 \?
- (°°0093)<1°412)( 50.25 13.305
= 1.14

(3) Friction loss in nonhomogeneous riser

N2
I e Y e
2

3°oo> (1.,856

2
. = 0.
2.254 4.00 > (49.75) o

(0.009) (eooo)<
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(4) Friction loss in common riser

LR3 Ac 2
N, = fr, RR, DR, | \AR, Ie;

4.5 8.557
(0.0078)(4.00) ( 3 75 >< 11”04) (49.75)

H

1.12

(5) Expansion from common riser into vessel above

_ Ac , Pt Ac Ac
Nog = 206\ 20 /|* 7.\ Avaw ~ Ap.o
V aog - V V R.3 R.3

Ac Ac
+ (1 -x)? <AV(1 - o) B AR3(1 - &R3)>i!

2(49075)< §i5—7—> [(o‘,oz%)2 (38.3)

32.28

< 8.557 i 8.557
33.28 x 0.355  11.04 x 0.536

>+ (0.9707)%

8.557 8.557
<33028x0,645 " 11.04 x 0.464 )} -31.24

(6) Contraction loss from nonhomogeneous riser into common riser

N > (Ac> 2 Pf AC  _AC
% = “PIVAR /| ™ Tog \ AR,OR; = ARCOR
AC AC
+ (1 - x)? -
(1-x) < AR,(1-ar,;) AR(1- @R)>J

2(49675)<8°557)[(0.0293)2(38,3)( 8557 __ 8.557 >

16.44 11.04x0.536 16.44x0.388

8.557 8.557
2 -
+(0.9707) (11.04X00464 16044x0,612>}

40.15
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(7) Hydrostatic head in nonhomogeneous riser
C,=(pp - IORZ) Lr,
= (50.25 - 29.59) 3 = 61.98 1b,, /ft?
(8) Hydrostatic head in common riser
Cs = (Pp - ’OR3) LR3
- - 2
= (50.25 - 30.95) 3 = 57.90 1b,_/ft
The summation of the n terms is 12.06, so that
(V3/2¢) TN = (49.00/64.34)(12.06) = 9.18

The total pressure differential through the risers and
downcomers is thus

— 2
APp = - 110.70 Iby/ft

The same type of analysis is used to find AP for the spike
elements and the outer plate-type elements. The results are:

spike

AP; = -91.63 lbg/ft?

1

I

plate, outer

APy = -105.43 lbg/ft?

il

The pressure differential through individual elements is
now calculated. Six points in the core were selected to obtain the velocity
profile. The points were radii of 10, 25, 40, 50, 60, and 70 cm. The radial
power distribution shown in Fig. 8.6 was used to obtain the power at each
point. Consider a point at radius 10 cm, to illustrate the calculation. The
power of an element at radius 10 cm is

Qr 6 6
Q, = Q = (1.085)(2.322 x 10%) = 2.519 x 10° Btu/hr
Q avg
avg
Several iterations on velocity will be necessary in order to

find the correct velocity for an element. As a first assumption, Vo =7 ft/sec

will be selected. Thus, the fluid flow rate for an element at radius 10 cm is

W = pAV = (49.75)(0.0580)(7.0)(3.6 x 10%) = 72.716 1b/hr.
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EBWR 100-Mw Radial Power Profile

The power required to bring the subcooled liquid to satur-
ation is
Qe = WAhgyy = (72,716)(11.8) = 0.858 x 10° Btu/hr

The nonboiling and boiling lengths of the element are now
found by using Fig. 8.7,a plot of the fraction of total power along the axial

length of the element.

Qunp/Qr = 0.858 x 10/2.519 x 10® = 0.341

Thus, the nonboiling length is
Ly = 304 cm = 0.997 ft

and the boiling length is

= 3.00
LB 3.003 ft
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The average density in the boiling region is found by selecting
a number of equally spaced points along the boiling length, determining by
Fig. 8.7 the fraction of total power generatedup to each point, subtracting
from that the fraction of the power used in the nonboiling length to reach
saturation, thereby determining the quality at the point, by which the slip can
be obtained so as to calculate the void fraction at the point, and thus obtaining
the density at each point. The average of these densities along the boiling
length is the average boiling density. This procedure must be used because
the axial power distribution is not of a simple shape.

This calculation will be illustrated for the last point in the
element. Here, all the power has been generated so

Q/Q, = 1.000
Thus,
(Q-Qnp)/Qy = 1.000 - 0.341 = 0,659

The quality is

Qg Q-Qp 9 <Q - QNB>

Whe, Why, Why, Qr

"
I

2.519 x 10° i
" (72,716)(731.6) (0.659) = 0.0312
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Thus, the void iraction in the element riser is

1. 0. -1
a = [1 4 Lo0 %88] = 0.451

38.3 0.0312
The density at the last point and in the element riser is

0.549 x 49.75 + 0.451 x 1.3

H

po= (1-a)pg+ap,

27.90

The same type of calculation for other points along the boiling lengthyields
the average boiling density

PR = 33.39
The pressure differential in the elements are
AP11 = a+b+c - (Vﬁ/Zg)[Nz + Nj + Ny, + Ng + Ny + Ng + N91] ,
where Vg, is the velocity assumed for the iteration. The significances of
the various terms are listed, and the calculation is illustrated, using the

7 ft/sec velocity at radius 10 cm for which the previous terms were

calculated.

(1) Friction loss, in 1bm/ft33 in nonboiling section of element

fc (Lys/Dc)of/onB)

N,

1

1+ &997)(490752 >

0.01
(0.0 46)( 0.0573 50.00

25.20

1

(Note: 1 foot of unheated element added to LNB).

(2) Friction loss in boiling section of element

fcR (Lp/Dc) o

i

Nj

0.25 + 3,003
0.0573

H

(050146)(2004)( )(49075)

84.11

(Note: 0.25 ft of unheated element added to LB).
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(3) Friction loss in element portion of riser

(0.0146)(3.43)(0.75/0.0573)(49.75)

I

32.61
(4) Acceleration from top of lower plenum into heated element
N¢ = 03/ pp = 49.722/50.25 = 49.25

(5) Acceleration in nonboiling region

B

Ny = 2p(Pp - P£)/PD

il

2(49.75)(50.25 - 49.75)/50.25 = 0.99

(6) Acceleration due to void formation

(1 -x)* x*pPf
pr[u-ow *“o‘c?;“l]

Ng

I

0.9688)%  (0.0312)%
2(49075)[( 0?549) + ( 00451) (38.3) - 1}

78.80

(7) Expansion from element riser into nonhomogeneous riser

_ AG , PE AC Ac
Noy = 20¢\ & * o \Ag ar. Agp.a
R g \"Rz"R; R; "Ry

1.856 1.856 1.856
=2(49-75)( + 00 ) {(000312)2 (38'3)< 4.00x 0416 1.856 x 00451>

2 1.856 ) 1.856 .
+(0.9688) <4.,oo < 0.584 1.856 x 0.549/| = "%8:89




(8) Hydrostatic head in nonboiling section

a = (pp - PnB) LNB

(50.25 - 50.00)(1 + 0.997) = 0.50 lby,/ft?
(9) Hydrostatic head in boiling section

b

i

(Pp - PR) Lp

(50.25 - 33.39)(0.25 + 3.003) = 54.85 lbyy/ft?

(10) Hydrostatic head in element riser

i

Cy (Pp - PRI) LR,

(50.25 - 27.90)(0.75) = 16.76 1by,/ft?
The summation of the n terms is 222.07, so that
(Vi/2g) N = (49.00/64.34)(222.07) = 169.12
The total pressure differential through the element is
APpp = -97.01 lbg/ft?
Thus.,
APy - APpp = -110.70 + 97.01 = -13.69 lbg/ft?
The assumed velocity was, therefore, slightly low. Assum-
ing Vo = 7.5 ft/sec would yield AP] - APIy = 0.98. Plotting AP] - APy

against V, for several iterations yields V, = 7.47 ft/sec at radius 10 cm.

This procedure is applied to the other core radii selected
to obtain the following velocity profile:

Radius, cm Vo, ft/sec
10 7.47
25 7.43
40 3.85
50 7.45
60 7.46
70 7.51

This velocity profile is plotted in Fig. 8.8.
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A more complicated velocity profile would require a
graphical integration of the velocity over the core to obtain the average
velocities of the regions. In this case, however, it is sufficient to estimate
them from the plot. In the central region V = 7.44 ft/sec; in the spike
region V = 3.85 ft/sec; and in the outer plate region V = 7.48 ft/sec. Thus,
the flow rates for the core regions can be calculated as was done for the
originally assumed velocity profile:

We = 2.473 x 10° Ib/hr
W, = 7.901 x 10° Ib/hr
W = 1.0374 x 10° 1b/hr

The quality for this flow is

x = (3.007 x 10%)/1.0374 x 107 = 0.0290
The subcooling is

hoyp = 459.9
or

Ahgyp = 11.7 Btu/1b

Since the originally assumed velocity profile vielded a
subcooling of Ah = 11.8 Btu/lb, the calculated velocity profile is quite
accurate. Another velocity profile would need to be assumed and the cal-
culation procedure repeated if the subcoolings did not agree.
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10, NOMENCLATURE
Section
Description
2 3 4 7 &
A Area, £t?
Acoolant Total cross-sectional area of coolant
Ap Area of Pipe
B(subsernpt) Bulk
i Bt Buckling o
Cp | Specific heat of liquid, BTU '1b °F
E Cp ; Specific heat, BTU,1b °F
Cgs f T i T Coefficient in Eq. {2.3)
i | D i Equivalent Diameter
D 2 Pipe Diameter
D- B (subscript) i Based on Dittus - Boelter heat transfar
equation
' I De Core diameter (Feet or inches 0}
D, De o i Equivalent diamertglzm,m;tm'w T
De . Mean equivalent diameter of flow chanuel
D, I Cuter diameter, {t
i ' Dy 1 Diameter of fuel rod (Inches?)
' F(subscripr) Friction
ng ; For-ce.expended by gas phase in overcoming
1 ' friction
Fg E Feorce expended by liguid phase in overcoming
| I friction
| Fy [ Force of the y'th variety
i G I Mass flow rate
G Mass flow rate, Iby, ‘hr ft? T
G ! ' Mass flow rate,_lb mixture, hr ft
G Mass velocity, lb, ftl-sec
H(subscript) 5 ! Hydrostatic
Heat(s bserpr) ' Heating
K | Expansion or contraction loss coefficient,
dimensionless
E K. { Contraction coefficient
i Kg | Expansion coefficient
Km i Momentum correction factor, dimensionless
L L L : Length, feet T o
| L* Diffusion length T
L B Length
Lp [ Lp Boiling length
L. B{subscript) § | T Loca-.-l_boi'ﬁﬁgv T T
i Lc¢ Core height or length -
LB ' LB Non-boiling length T

NOTE: Sections 1, 5, and 6 are self explanatory.
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Section

4

Description

1O (subscript)

Based on liquid phase at total mixture flow rate

GO (subscript)

Based on gas phase at total mixture flow rate

Total length

LT

Total heated length

M/F

Volumetric ratio of moderator to fuel

N

Slope of plot of slip ratio vs water velocity

Nu

Nusselt number

Pressure, psia

Pressure

Pressure, 1bf},"”£1:‘2

Pr

Total reactor power

Pr

PR

Pr

Prandtl number

P.Daxw /1

Power density in kwfliter

Power

Qavg

Average power per fuel element

QB

QB

Heat input to boiling section

OnNB

Heat input to non-boiling section

Power of fuel element at radius r

Q¢

Total heat input

Two-phase friction factor multipliers

Ratio of two-phase frictional pressure gradient
to liquid phase frictionless pressure gradient,
based on total mixture {low rate,
dimensionless

.
Rmax,’avg

Ratio of maximum to average heat flux in core

RE

Re

Reynolds number

Ratio of actual heat flux to heat flux required
to induce local boiling just at the channel
exit, dimensionless

Volumetric ratio of structure (fuel cladding,
control rods, superstructure, etc.} to fuel

Temperature, °F

T@max

Maximum fuel rod centerline temperature
in core

. TPF(scbscript
o 1pt)

Two-phase friction

Tsat

Saturation temperature

Wall temperature

Recirculation velocity

v

Velocity ftffsec

<

Average velocity

Water velocity, ftj’/s ec

I

Steam or gas velocity, ft/sec
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Section
Description
3 4 7 8
Vg/Vy Slip ratio
v Velocity of liquid phase
Vg Superficial velocity (defined as G/ cy) ft/sec
! Vo Average velocity of elements feeding a given
i external riser
i . Ve Axial flow velocity at radius r
i | W Fluid flow rate
| i Wa Annular fluid flow
‘ We Central fluid flow
E ] Wg Weight flow of gas
, i w,_ | Weight flow of liquid
; i [ Wi Flow rate of makeup water
T T wWe ] Total steam flow
e .
| [ ) [ W sa i Steam flow rate to outer annular region
2 ! i | WSC I Total steam flow to contrel non-homogeneous
i ! ] ! riser
; : l | W I Total recirculation flow rate
: x S X E Mixture quality
a ' ; | Coefficient in Bq. (2.25), BTU/hr ft F
i P acelsubaripy i B | ; Acceleration
b [ | i | Coeificient n Eq. ~(2.25), BTU, hr ft F*
€ (s bseript) ’ - i Base of natural logarithm
i e(s. bseript) f | Exat
Lt | £ ! Moody {riction factor
; I F Fanning iriction factor, dimensionless
! | ! f Thermal utilization
£(s bscnpt) Saturated liguid
] 5 £ l Arbitrary functions
g E ;m ‘ ficcelex'atiox1_?f gravity, 4.17 (10%) it hr?
| Eog (s heuript) E ! Gas; saturated vapor
: g E Acceleration or gravity h
gc ' Conversion factor, 4.17 (10%) 1byy ft/hr® b
h h | Turbulent convective heat transfer coefficient,
! BTU/hr - {t? - °F
i h Enthalpy
i { | hp Boiling heat transfer coefficient
hy Boiling coefficient, BTU ‘hr {t* F
b Contact resisiance between cladding and fuel
ke Condensing coefficient, BTU, hr ft2 F
hy Enthalpy of saturated liguid
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Section

4

Description

g

Latent heat of vaporization, BTU,/lb

Enthalpy of saturated vapor

Enthalpy of water at inlet to the core

Enthalpy of inlet water

Enthalpy of makeup water

in (subscript)

Inlet

iso{subscript))

Isothermal

Thermal conductivity, BTU//hr it F

Thermal conductivity of cladding

Effective multiplication factor

k¢

Thermal conductivity of liquid, BTU/hr ft F

Thermal conductivity of vapor, BTU//hr ft F

Estimated mean heat conductivity of fuel rod

Arbitrary constants

Mass

Superficial mass velocity, Kg/mz- sec

Number of fuel rods in core

Resonance escape probability

P

Vapor pressure at saturation 1bf,i/ft2

Pv

Vapor pressure at maximum superheat, lbf/!ft2

Power, BTU/hr

q”

Heat flux, BTU/hr ft*

qu!

Power density, BTU/hr 3

Average heat flux in core

Radius, ft

Acceleration multiplier of Martinelli and
Nelson

sub(subseript )

Subcooling

t(subscript)

Total

Time

Temperature

Cladding thickness

vi(subscripts)

Specific volume of fluid, ftB/’lb

Vfg

Specific volume of vaporization, fts/lb

w(subscript )

Wall

Wall thickness, ft

Quality, 1b steam/lb mixture

Ratio of gas flow rate to total flow rate,
dimensionless

XA

Quality in outer riser




Section

[a¥]

1

Description

Quality at inception of local boiling

Quality in central riser

Quality at exit

Average exit mixture quality

Parameter of Martinelli

Steam volume fraction; void fraction

ol

Ve

Exit steam volume fraction

LP

Pressure differential

LPr

Total pressure differential through risers and
downcomers

Pressure differential in fuel elements

AT,
Ty,

TW'Tsat

Heating surface temperature minus saturation
temperature, °F

(£ Tgubl

Subcooling at point where local boiling starts,
o
B

LTsat

Wall superheat, Tua11-Tsaturation

Fast fission factor

Angle

Temperature difference, °F

P

Viscosity, Ibp, ft-hr

Viscosity, b ft-sec

Viscosity of liquid, Iby, ft-hr

Density, lby, {t°

Average boiling density

Density in downcomer

Density of saturated liguid

Density of liguid, 1b ft?

g

=]

Density of gas, 1b/ft?

:

Density of saturated liquid

~“NB

Average density in non-boiling section

TR

Two-phase density mixture; local riser
density

Surface tension of liquid-vapor interface,
be /it

Fermi Age

Tw

Shear stress

Lt

Square root of the ratio of the two-phase fric-
tional pressure gradient if the liquid alone
were ilowing in the pipe, dimensionless

.2
"Lo

Ratio of two-phase frictional pressure gradient
to liguid phase frictional pressure gradient,
based on the total mixture flow rate, dimen-
sionless (same as "D" R)
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